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ABSTRACT 
The ultra-light photovoltaic sandwich structure is a new multifunctional structure 
concept enabling weight and thus energy to be saved in high-tech solutions such as solar 
cars, solar planes or satellites. The novelty of this approach is to use solar cells as a load 
carrying element in the structure. The aim of this work was to investigate the failure 
mechanisms of such ultra-light sandwich structure and their correlation with 
microstructure, processing pressure, and strength in order to obtain optimal design and 
processing. To this end, composite sandwich structures were extensively studied with 
weights in the range of 650 – 850 g/m2, and comprising one 140 μm thick skin made of 
0/90° carbon fiber-reinforced plastic (CFRP), one skin made of 130 μm thick mono-
crystalline silicon solar cells, and a 29 kg/m3 honeycomb core. 
As a first step, core-to-skin bonding in a symmetric (CFRP / core / CFRP) sandwich, for 
which a design criterion was lacking, was especially studied. An adhesive deposition 
technique was developed enabling the adhesive weight used for core-to-skin bonding to 
be tailored. Based on adhesive contact angles, the formation of the adhesive fillets 
between honeycomb cell walls and skin was modeled. Core / skin debonding energy 
was measured and compared to core tearing energy measured with a new video-based 
method, and the failure mechanisms during skin peeling were investigated. It was thus 
ascertained that, to provide the highest debonding energy-to-weight ratio, the optimal 
adhesive weight was 35-40 g/m2. Furthermore, in contrast with classic sandwich 
structures with thicker skins, it was observed that the bending strength of the ultra-light 
sandwich panels increased with adhesive weight. This was due to the formation of 
adhesive fillets, which significantly increased the bending stiffness of the thin CFRP 
skin, and thus increased the compressive load causing local instability of the skin. 
Models taking into account the increased skin stiffness showed that the best adhesive 
quantity required to increase the strength-to-weight ratio was ~40 g/m2. 
In a second step, the influence of processing pressure on the morphology and strength of 
symmetric (CFRP / core / CFRP) ultralight sandwich structures was investigated by 
using one-shot vacuum bag processing. This showed that higher processing pressures 
caused the formation of larger adhesive fillets and an increased waviness of the CFRP 
skin on vacuum bag side. These two effects had conflicting impacts on the strength of 
the structure. Waviness of the skin favored local instabilities, whereas adhesive menisci 
stabilized the skin. Modeling of the local instability of the skin by taking into account 
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the waviness of the skin and the size of the menisci as a function of processing pressure 
enabled an optimal processing pressure of 0.7 bar to be identified, giving the highest 
strength-to-weight ratio.  
The third step of the study was devoted to the mechanical analysis of the mono-
crystalline silicon solar cells. The brittle behavior of the cells was confirmed, and the 
Weibull failure probability curve was established with the mean tensile strength at 
221 MPa. It was demonstrated by experimental testing and finite element modeling 
(FEM) that the low strength of the cells compared to the intrinsic strength of silicon 
(~6.9 GPa) was not due to surface texturation of the cells used for increased efficiency, 
but to more severe surface or edge defects. FEM also showed that no significant 
reinforcing effect of the cells could be obtained with polymer encapsulation. In addition, 
thermo-mechanical stresses due to a mismatch of the coefficient of thermal expansion 
(CTE) between the Si cells and the polymer encapsulation were found to be negligible. 
In order to protect the cells against the environment, encapsulation of the cells was 
successfully carried out, using highly transparent fluoropolymer films treated with SiO2 
plasma sputtering for improved adhesion, together with silicone adhesive. 
Finally, the integration of solar cells as a photovoltaic skin of an ultra-light sandwich 
structure was achieved using thin stress transfer ribbons to ensure load transfer between 
adjacent cells. It was observed that the cells were not damaged by sandwich panel 
processing, even in curved panels, thus showing that the processing windows of the 
different constituents were compatible. The asymmetric (Si / core / CFRP) photovoltaic 
sandwich structure with a weight equal to 800 g/m2 and a specific power density equal 
to ~250 W/kg (i.e. 20 times more than standard commercial photovoltaic panels) 
demonstrated an equilibrated mechanical behavior, i.e. the CFRP skin, reinforcing 
ribbons, and solar cells had similar failure loads.  
 
Keywords: ultra-light photovoltaic sandwich structure, failure micro-mechanisms, 
core-to-skin bonding, local skin instability, processing pressure, honeycomb core, 
mono-crystalline silicon. 
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RESUME 
Les structures sandwich photovoltaïques ultralégères représentent un nouveau concept 
de structure multifonctionnelle visant à économiser du poids, et par conséquent de 
l’énergie pour des applications telles que les voitures solaires de compétition, les 
planeurs solaires ou encore les satellites. La principale nouveauté de cette approche 
réside en l’utilisation des cellules solaires en silicium monocristallin en tant qu’élément 
structurel. Le but du projet était d’analyser les modes et mécanismes de rupture de ces 
structures sandwichs et de définir leur relation avec la microstructure et la pression de 
mise en œuvre afin d’identifier le dimensionnement et procédé de fabrication optimal. A 
cette fin, des structures sandwichs composites d’un poids de 650 à 850 g/m2 ont été 
étudiées en détails. Ces structures étaient composées d’une peau en composite epoxy / 
fibres de carbone à 0 et 90° de 140 μm d’épaisseur, d’une peau faite de cellules solaires 
en silicium monocristallin et d’un cœur en nid d’abeille de 29 kg/m3. 
Dans un premier temps, le collage peau-cœur de structures sandwichs symétriques 
(carbone / cœur / carbone) a été spécialement étudié, étant donné qu’aucun critère de 
dimensionnement n’était disponible. Dans ce but, une méthode permettant un dosage 
précis de la quantité de colle a été développée. La formation des ménisques de colle 
entre les parois du nid d’abeille et les peaux a été modélisée sur la base des angles de 
contact de l’adhésif. L’énergie de décollement peau / cœur a été mesurée et comparée à 
l’énergie nécessaire pour déchirer le cœur en nid d’abeille, préalablement mesurée grâce 
à une nouvelle méthode fondée sur l’analyse d’images vidéo. Les mécanismes de 
rupture associés au pelage de la peau ont également été examinés. Ainsi, la quantité de 
colle conduisant au meilleur rapport énergie de décollement / poids a été déterminée à 
35 – 40 g/m2 pour la peau en fibres de carbone. Par ailleurs une augmentation de la 
résistance en flexion des panneaux sandwichs couplée à l’augmentation de la quantité 
d’adhésif a été mise en évidence. La formation des ménisques de colle augmentant de 
manière significative la rigidité en flexion des fines peaux en fibres de carbone explique 
l’amélioration de la résistance au flambage local des peaux. Un model analytique du 
flambage local des peaux prenant en compte leur augmentation de rigidité en flexion a 
permis de déterminer que la quantité d’adhésif conduisant au meilleur rapport 
solidité / poids était de ~40 g/m2. 
Dans un deuxième temps, l’influence de la pression de mise en œuvre sur la 
morphologie et la résistance de ces structures sandwichs ultralégères symétriques a été 
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étudiée lors de cuissons de la structure sous sac à vide. Il a été observé que plus la 
pression de mise en œuvre était élevée, plus les ménisques de colle étaient grands et 
plus l’ondulation des peaux du côté du sac à vide était prononcée. Ces deux effets ont 
montré des influences antagonistes sur la résistance des structures sandwichs, 
l’ondulation des peaux favorisant le flambage local, tandis que les ménisques de colle 
stabilisaient les peaux. La modélisation du flambage local des peaux en prenant en 
compte ces deux effets a montré que la pression permettant d’atteindre le plus grand 
rapport solidité / poids était de 0.7 bar. 
La troisième partie de l’étude a été consacrée à l’analyse mécanique de cellules solaires 
en silicium monocristallin. Leur comportement fragile s’est confirmé et la courbe de 
probabilité de rupture de Weibull correspondante a été déterminée, avec une contrainte 
moyenne à la rupture en traction de 221 MPa. Des tests mécaniques ainsi que des 
modélisations par éléments finis ont démontré que la faible résistance des cellules en 
comparaison de la résistance intrinsèque du silicium (~6.9 GPa) n’était pas due à la 
texturation de surface des cellules utilisée pour augmenter leur rendement 
photovoltaïque, mais plutôt à des défauts de surface ou de bords plus critiques. La 
modélisation a également montré que l’encapsulation des cellules avec des polymères 
ne pouvait pas renforcer significativement les cellules, et que les contraintes 
thermomécaniques dues aux différents coefficients d’expansion thermique du silicium 
et des polymères d’encapsulation étaient négligeables.  
Aussi, de manière à protéger les cellules contre les effets de l’environnement, elles ont 
été encapsulées avec un film fluoropolymère sur lequel une couche de SiO2 avait été 
préalablement déposée sous plasma afin d’améliorer l’adhésion avec l’adhésif silicone 
utilisé. 
Finalement, l’intégration des cellules solaires comme peau photovoltaïque de structures 
sandwichs ultralégères a été réalisée en utilisant de fins rubans de renfort pour assurer le 
transfert de contraintes entre cellules adjacentes. Les cellules n’ont pas été 
endommagées lors de la fabrication des panneaux sandwichs, même lorsque ceux-ci 
étaient courbés, démontrant ainsi la compatibilité des fenêtres de mise en œuvre des 
diverses composants de la structure. La structure sandwich photovoltaïque asymétrique 
(Si /cœur / carbone) d’un poids de ~800 g/m2 et d’une densité spécifique de puissance 
de ~250 W/kg (soit 20 fois plus élevée que les modules photovoltaïques commerciaux 
standards) a fait preuve d’un comportement mécanique équilibré, les forces à rupture 
des peaux en carbone, des rubans de renfort et des cellules solaires étant semblables. 
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Mots-clés : structure sandwich photovoltaïque ultralégère, micro-mécanismes de 
rupture, collage peau-cœur, flambage local des peaux, pression de mise en œuvre, cœur 
nid d’abeille, silicium monocristallin. 
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LIST OF SYMBOLS AND ACRONYMS 
Symbol Description Unit 
a Crack length mm 
ar Real crack length in DCB test mm 
A Area of the meniscus on 2D cross-section mm2 
AABD Coefficient derived from the ABD matrix of the face N/mm 
B Width of sample mm 
BABD Coefficient derived from the ABD matrix of the face N 
Bo Bond number  
c Length of a side of a hexagonal cell mm 
c3,4 Integration constants  
C Compliance mm/N 
d Distance between the centroids of the sandwich faces tf + tc mm 
dP Variation of potential energy J 
dW Variation of work of external forces J 
D Coefficient relating crack length and compliance  
DABD Coefficient derived from the ABD matrix of the face Nmm 
DB Flexural stiffness of a sandwich beam Nmm2 
Df Flexural stiffness of a sandwich face per unit width Nmm 
DP Flexural stiffness of a peel arm in DCB Nmm2 
e Position of the neutral axis in flexion mm 
Ef Young’s modulus of sandwich face N/mm2 
Ec In-plane Young’s modulus of sandwich core  N/mm2 
Ecz Out-of-plane compressive Young’s modulus of sandwich core  N/mm2 
Eczt Out-of-plane tensile Young’s modulus of sandwich core  N/mm2 
ESi Young’s modulus of silicon N/mm2 
F Applied load N 
g Acceleration due to gravity: 9.81 m/s2 
G
 
Strain energy release rate  J/m2 
Gcore Shear modulus of sandwich core N/mm2 
Gc Critical strain energy release rate or debonding energy J/m2 
GIc Critical strain energy release rate in mode I J/m2 
h Distance from neutral axis of the skin to surface of the skin mm 
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hD Height of sessile drop mm 
H Depth of elastic foundation in sandwich for wrinkling mm 
Hdef Depth of elastic foundation for skin buckling over defect mm 
Hm Height of adhesive meniscus on cross-section mm 
I Inertia moment mm4 
k Stiffness of elastic foundation N/mm3 
k1 Stress in the core at z = 0 in wrinkling N/mm2 
K1 Amplitude of sinusoidal stress in the core at z = 0 in wrinkling N/mm2 
KIC Toughness of a material in mode I (crack opening) MPa m1/2 
k2 “Stiffness of elastic foundation / skin bending stiffness” in 
buckling model 
mm
-4 
k3 “Compressive line load / skin bending stiffness” in buckling 
model 
mm-2 
l Half-wavelength of skin deformation in wrinkling mm 
lcr Critical half-wavelength of skin deformation in wrinkling mm 
l0 Half-wavelength of preliminary imperfection of the skin mm 
L Length of sandwich beam mm 
L0 Overlap length of reinforcing ribbons mm 
L1 Span between inner loading points in 4-point bending mm 
L2 Span between outer supports in 4-point bending mm 
L3 Span between supports in 3-point bending mm 
LB Length of sandwich considered for local buckling model mm 
Lcor Corrected span between supports in 3-point bending mm 
LD Diameter of contact circle of sessile drop mm 
LG Length of gap between solar cells mm 
m Weibull modulus  
M Bending moment Nmm 
MA Adhesive areal weight g/m2 
MA0 Adhesive areal weight not forming menisci g/m2 
n Exponent relating crack length and compliance  
N Load per unit width (also called line load) N/mm 
NAllen Wrinkling line load calculated with Allen’s model N/mm 
NDimp Dimpling line load  N/mm 
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NEuler Wrinkling line load calculated with Euler’s model N/mm 
NHemp Wrinkling line load calculated with Hemp’s model N/mm 
Nm Wrinkling line load associated with half-wavelength l0 N/mm 
NPlantema Wrinkling line load calculated with Plantema’s model N/mm 
NYussuf Wrinkling line load calculated with Yusuff’s model N/mm 
P Load applied  N 
PC Critical load for crack propagation N 
Pcr Buckling load of a sandwich beam under compression N 
Pb Buckling load considering pure bending of beam N 
Pf Probability of failure  
Pl Liquid pressure: pressure in the adhesive meniscus Pa 
Ps Shear crimping load of sandwich N 
Pv Vapor pressure: air pressure outside the meniscus Pa 
ΔP Pressure difference Pa 
q Load per unit length normal to the skin N/mm 
q1,2,3,4,5 Coefficients of wrinkling model   
r Radius mm 
r1, r2 Radius of curvature m 
ri Inner radius of climbing drum mm 
ro Outer radius of climbing drum mm 
R Reaction force N 
s Size of honeycomb cells: diameter of inscribed circle mm 
SB Shear stiffness of sandwich beam N 
Sc Shear strength of the core N/mm2 
Sbroken Broken surface mm2 
t Thickness mm 
tc Thickness of sandwich core mm 
tf Thickness of sandwich face mm 
tp Ply thickness in a laminate mm 
tR Thickness of reinforcing ribbon mm 
ttens Thickness of solar cell considered for tensile tests mm 
tth Theoretical thickness of solar cell with homogenous 
rectangular section 
mm 
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T Shear force N 
u Displacement of core or skin in length direction in wrinkling mm 
U Elastic energy J 
UQ Elastic energy stored in CT probe J 
UI Elastic energy stored in unnotched CT probe J 
V Volume mm3 
w Out of plane displacement of skin or core in wrinkling  mm 
W Amplitude of sinusoidal displacement w mm 
wo Out-of-plane displacement of unloaded sandwich skin  mm 
Wo Amplitude of sinusoidal displacement wo mm 
w1 Out-of-plane displacement of skin on elastic foundation mm 
w2 Out-of-plane displacement over the bonding defect mm 
w3 Beam center deflection in 3-point bending mm 
w4 Beam center deflection in 4-point bending mm 
WCT Width of CT probe mm 
Wm Width of meniscus on cross-section mm 
XC X coordinate of the center of meniscus surface circle mm 
YC Y coordinate of the center of meniscus surface circle mm 
Zc Out-of-plane compressive strength of the core N/mm2 
za Length of elastic foundation mm 
   
   
α Ratio between real meniscus shape and triangular 
approximation 
 
β Slope of load/displacement curve during mechanical testing N/mm 
χ “Measured waviness Wmeas / wave amplitude in model W0”  
δ Displacement of loading point mm 
δ1 Distance between two rows of honeycomb cells mm 
δ2 Crosshead displacement between two peak loads in CDP mm 
δcor Corrected displacement of loading point mm 
Δ Crack length correction with MBT method mm 
εm Local maximum strain in the skin  
φ Angle  rad 
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Φ Broken area fraction of menisci  
γ
 
Surface tension  N/m 
γlv Surface tension of liquid / vapor interface N/m 
γsl Surface tension of liquid / solid interface N/m 
γsv Surface tension of solid / vapor interface N/m 
η Variation coefficient of core properties  
κ Ratio “foundation stiffness / peel arm bending stiffness” mm-1 
λ Ratio between max. stress and mean stress in solar cells  
ν Poisson’s coefficient  
νc Poisson’s coefficient of sandwich core  
θ
 
Contact angle  rad 
θ1 Contact angle of adhesive on Nomex surface rad 
θ2 Contact angle of adhesive on prepreg surface rad 
ρ Specific mass kg/m3 
σ0 Stress parameter in Weibull distribution (63% failure) N/mm2 
σf Direct stress in the skin N/mm2 
σf,cr Dimpling stress in the skin N/mm2 
σHoff Critical wrinkling stress in skin with Hoff and Mautner model N/mm2 
σmean Mean failure stress N/mm2 
σp0 Stress in the ply at 0° in a 0/90° laminate N/mm2 
σu Stress parameter in Weibull distribution N/mm2 
σz Normal out-of-plane stress in the core  N/mm2 
Σz Amplitude of sinusoidal normal out-of-plane stress in the core  N/mm2 
σzm Maximum normal out of plane stress in the core  N/mm2 
τc Shear stress in the core N/mm2 
τcr Lap shear strength N/mm2 
τxz Shear stress in the core in xz plane  N/mm2 
τxzm Maximum shear stress in the core in xz plane  N/mm2 
Τxz Amplitude of sinusoidal shear stress in the core in wrinkling  N/mm2 
ω Coefficient defined in buckling model  
ξ Adjusting coefficient between 0 and 1  
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ψ Coefficient defined in buckling model  
ζ Coefficient defined in buckling model  
 
 
Abbreviation Definition 
  
CC Compliance calibration 
CDP Climbing drum peel 
CFRP Carbon fibers reinforced plastic 
CLT Classic laminate theory 
CSB Cracked sandwich beam 
CT Compact Tension 
Cz Czochralski process for mono-crystalline silicon 
DCB Double cantilever beam  
EVA Ethylene Vinyl Acetate 
FEM Finite Element Modeling 
FWT Flatwise Tensile 
FZ Float-Zone technique for mono-crystalline silicon 
GFRP Glass fiber reinforced plastic 
LVDT Linear Variable Differential Transformer 
MBT Modified beam theory 
NDT Non-destructive testing 
PEEK PolyEthykEtherKetone 
PET Polyethylene terephthalate 
PV Photovoltaic 
SCB Single cantilever beam 
SEM Scanning electronic microscopy 
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CHAPTER 1. INTRODUCTION 
 
 
Saving natural resources and energy is one of the key challenges of the 21st century. In 
transportation, the most effective way to save energy is to diminish the moving mass, 
especially for aerial transportation. So, decreasing the weight of the structure of 
airplanes has become a main preoccupation for all aircraft constructors, from the biggest 
commercial airplanes [1, 2] (to reduce running costs) to small private airplanes [3, 4]. 
To this end, composite materials have already demonstrated their superiority and are 
now currently used in applications demanding high stiffness-to-weight ratios (as, for 
example, in aircraft building [5-7]). For more unusual applications, such as ultra-light 
solar aircraft, [8-10], competition solar cars, or satellite solar panels, the structures have 
to be pushed to their limits in order to save every gram. In these cases, sandwich 
construction provides one of the lightest and lowest-cost manufacturing concepts [11, 
12].  
Much literature is available on classic sandwich structures in the order of 10 kg/m2, 
such as, for example, those used for boat construction or commercial airplanes. 
However, only a few studies are available on ultra-light sandwich structures in the order 
of 1 kg/m2. Some of the results and design formulae used for the classic sandwich 
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structures can be used for ultra-light sandwich structures, but as failure modes are often 
different with these structures, other models have to be developed. The manufacturing 
process for ultra-light sandwich structures is also quite different. For example, light 
cores are likely to crush if high autoclave pressure is used, so that the classic method 
using high pressure to diminish void content of the composite faces of the sandwich 
may not be applicable [13-15]. Therefore, a complete analysis of the design and 
fabrication of the structure is essential in order to achieve an optimal structure, i.e. with 
highest strength-to-weight ratio. The design of an optimized structure with the weight of 
each constituent of the structure minimized so that every part breaks at same load level 
was the first challenge of the present work. 
In this work, sandwich structures with some of the lightest core and composite skins 
available were studied. As no design criterion was available for core-to-skin bonding, 
special attention was paid to optimizing the bonding joint so as to save as much weight 
as possible. This required a comprehensive study of the influence of processing and 
materials parameters on bonding joint formation. The characteristic length scales of the 
sandwich structures considered in this work were in the mm range (size of honeycomb 
cells and thickness of the structure), and also in the 10-100 μm range (skin thickness, 
size of the adhesive menisci). Microscopic failure mechanisms were therefore studied in 
order to understand the driving parameters and their relation to the intrinsic properties 
of the core and adhesive.  
It was expected that the processing pressure would cause phenomena which have 
conflicting impacts on the strength of the sandwich structure. In fact, whereas sufficient 
pressure is necessary to ensure good skin compaction and reliable core-to-skin bonding, 
high pressure causes skin waviness which decreases the strength of the structure [16, 
17]. The relation between processing pressure in the vacuum bag process, 
microstructure, and compressive strength of the skin was therefore studied. 
Identification of the optimal processing parameters enabling maximization of the quality 
and strength of the structure was thus the second challenge of this work. 
 
Further minimization of the global weight using the best known materials can be 
achieved through material and process integration. This means that the materials and 
components have to participate in another function in addition to their primary one, 
without reducing the performance of either. Following this logic, the main idea of the 
 Introduction  
 19  
present work was to use silicon photovoltaic cells as structural elements. In usual 
applications, the weight of the solar cells is simply added on to that of the structures, 
without having any structural utility. In fact, the stiffness and thickness of silicon cells 
are compatible with conventional carbon fiber-reinforced skins, so that they may be 
used for building stiff structural elements. However, silicon is very brittle and breaks at 
low deformations and therefore has to be used in a part having small deformations. 
Figure 1-1 illustrates this concept, with one composite skin of a sandwich structure 
being replaced by solar cells. These sandwich structures can be used to build stiff but 
ultra-light solar panels, flat or with a simple curvature, in zones with limited 
deformations.  
  
  
 
Figure 1-1: Ultra-light solar panels. The left-hand figure represents the classic sandwich structure 
with honeycomb core, carbon fiber faces, and the solar cells glued onto the sandwich structure, 
often with polymer film in-between to avoid electrical short circuits. The right-hand figure 
represents the new sandwich structure with honeycomb core, one carbon face, and one face made of 
solar cells with local glass-fiber reinforcements. In both cases, an encapsulation film or glass has to 
be put on top to protect against environmental attacks. 
In the case of an asymmetric (Si / core / carbon) sandwich structure, the optimal process 
pressure previously mentioned could differ due to the very fragile nature of the thin 
monocrystalline silicon solar cells. The strength of the silicon solar cells must thus be 
determined in order to know precisely the acceptable load level during processing and 
application. In addition, the finite size of the cells and associated discontinuity requires 
special investigation of potential solutions so as to ensure stress transfer between cells. 
Finally, as the cells have to be protected against environmental attack, and as glass is 
too heavy for this application, the use of a protective polymer film was investigated. 
Of course, all the different investigations and optimizations have to be applicable to the 
complete global structure. Figure 1-2 shows the multiple materials used in the structure. 
Honeycomb Carbon fibers Solar cells Glass fibers 
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All these materials have to be assembled in one or multiple steps, and so the processing 
parameters (for example, temperature, pressure) have to be compatible for all materials. 
The integration of the very brittle solar cells as load carrying elements in the sandwich 
structure by ensuring optimal processing compatibility with other constituents was thus 
the third and main challenge of this work.   
Polymer film
Plasma treatment
Silicone adhesive
Monocrystalline Si cell with texture
Silver back contact
Adhesive meniscus
Nomex honeycomb cell wall
Carbon skin 0/90°
 
Figure 1-2: cross-section of an asymmetric sandwich structure with a solar cell as an upper skin 
 
The different steps and challenges of the study covering ultra-light sandwich structure 
optimization, solar cell analysis, and, finally, an investigation of asymmetric sandwich 
structures with a skin made of solar cells can be summarized in the flowchart 
represented in Figure 1-3. 
Ultralight symmetric sandwich 
structure optimization
Asymmetric sandwich 
structure with solar cells  
Mechanical 
strength analysis Encapsulation
Local reinforcement  
between cells
Solar cells analysis
Core to skin bonding 
optimization
Process 
optimization
 
Figure 1-3: Project organization, with the two main research axes and the final goal. 
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The present report is organized as following. Chapter 2 presents the state of the art in 
sandwich mechanics and processing, and also looks at the mechanical analysis of solar 
cells, and light encapsulation. Chapter 3 describes the materials and experimental 
methods used and developed in this work. The core-to-skin bonding and associated 
failure mechanisms are studied in chapter 4, and the influence of the bonding joint on 
bending strength is investigated in chapter 5. Chapter 6 then concentrates on the 
optimization of the processing pressure. The mechanical analysis and encapsulation of 
solar cells, and the integration of solar cells into sandwich structures is presented in 
chapter 7. Finally, chapter 8 summarizes the conclusions of this work. 
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CHAPTER 2. STATE OF THE ART 
 
 
2.1. Sandwich structures 
2.1.1. Introduction 
Since the first flight of an airplane, incessant research has aimed to reduce the weight of 
the structure, while keeping the strength and stiffness as high as possible. The use of 
sandwich structures appeared to be a very good solution to the problem and was first 
extensively used during the Second World War on the British Mosquito aircraft using 
balsa core and plywood faces. Since this date, continuous development of the structures 
has been achieved, improving and optimizing the different constituents, so that the 
sandwich structure can now be found in innumerable applications, from high-tech 
satellites to low-cost wooden furniture. 
The basic idea of the sandwich concept is easily understood by observing the strain and 
stress state of a beam in pure bending: the maximum strains are on the upper and lower 
face of the beam, while the stresses near the neutral axis are low. To improve the 
strength and stiffness of the beam but with lower weight, it is judicious to place 
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materials with high strength and stiffness where high strains occur, and to place soft, 
light material in the center where the strains are low. The application of these principles 
results in a structure with thin faces of high strength and stiffness bonded onto a very 
light core. The core has nevertheless several vital functions. Stiffness in the direction 
normal to the faces has to be sufficient to maintain a distance between the skins, and to 
sufficiently stabilize the skins in order to avoid local buckling when compressive 
stresses occur. Also the shear stiffness of the core must be sufficient to avoid sliding of 
the faces over each other, otherwise the sandwich will behave as two independent 
beams.  
The application of these principles leads to a high increase of stiffness and strength with 
constant weight. Figure 2-1 illustrates the tremendous gain in strength and stiffness-to-
weight ratio obtained by inserting a light core between two strong faces. Similarly, 
Figure 2-2 shows the benefits that can be obtained in term of stiffness-to-weight ratio by 
combining the core and skin material in comparison with the raw materials. The correct 
choice of the constituents, an understanding of the mechanical behavior of the structure, 
as well as the identification of the failure modes enable optimized structures to be 
designed with the highest strength- and stiffness-to-weight ratios.  
Many books have focused on sandwich structures [18-24], so only the essential basics 
of sandwich theory and processing will be treated in the following sections, with 
emphasis on the more specific topics of this study.  
 
Figure 2-1: Relative weight and flexural properties of sandwich panels compared to those of solid 
panels (figure from [25]) 
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Figure 2-2: Optimal stiffness-to-weight ratio. The oblique lines represent constant stiffness-to-
weight ratio. By choosing a material with properties in-between core and skin material, only the 
grey zone can be covered. By combining the materials in sandwich panels, a zone with higher 
stiffness-to-weight ratio is obtainable (figure from[26]) 
 
2.1.2. Constituent materials 
The first step in designing a sandwich structure is the choice of the different 
constituents, depending on the application: the face, the core and the adhesive joint to 
bond the faces to the core. The different choice criteria are of course the mechanical 
properties of the constituents, but also the processing and the price which can vary over 
several orders of magnitude. 
Face materials 
The faces of sandwich structures (also commonly called skins or facesheets) can be 
made of any material available in thin sheet and having sufficient mechanical 
properties. The main criteria for the selection are the Young’s modulus, the strength 
under tension and compression, the ability to be bonded adhesively, and sometimes also 
impact and environmental resistance. Metallic faces such as steel, aluminum or titanium 
sheets ensure high strength, stiffness, and impact resistance, but have a high density and 
difficult formability.  
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Fiber composite faces offer many advantages and are therefore widely used for 
sandwich construction. They enable high strength and stiffness to be coupled with low 
weight, whilst the orientation of the fibers makes it possible to optimize the strength and 
stiffness of the skin as a function of stress direction. They can also easily adopt complex 
forms with double curvature. The three main types of fibers used are glass, Aramid, and 
carbon fibers. Glass fibers are the most widely used due to their relatively low price, but 
their stiffness is lower than the other reinforcements. Aramid fibers have high strength 
and stiffness coupled with low density. Since they have very high wear resistance they 
are often used to improve the impact resistance of sandwich panels. Carbon fibers offer 
high strength and stiffness. They are divided into two classes: high strength, and high 
modulus fibers. Due to its very high strength- and stiffness-to-weight ratio, this type of 
reinforcement is the most widely used in high-tech sandwich structures, especially in 
aerospace applications. 
The matrix of the fiber composite face can be either a thermoplastic (Polypropylene, 
Polyamide, PolyEthylEtherKetone (Peek), etc) or thermoset polymer. For sandwich 
manufacturing, thermosets are preferred due to their easier processing and bonding to a 
core. For large low cost sandwich structures with glass fibers reinforcements, polyester 
resins are often used, while epoxy resins are preferred for advanced applications.  
These fiber composites are commonly designed by GFRP and CFRP (Glass / Carbon 
fiber reinforced plastic). 
 
Core materials 
The choice of the core is also determinant for the performance of the sandwich 
structure. The density of the core has to be as low as possible, but with sufficient shear 
modulus, and strength and stiffness in the direction normal to the faces. The three main 
different core types are light wood, such as balsa, cellular foam, and honeycomb. Balsa 
offers good mechanical properties, but its use is limited by its minimum density which 
is ~ 100 kg/m3. Cellular foams have lower mechanical properties but offer a very wide 
range of densities. Due to their relatively low cost, foams are the most widely used 
cores for sandwich applications.  
Honeycomb cores have the best strength- and stiffness-to-weight ratio and are therefore 
used in high-tech applications such as aerospace. The most commonly used 
honeycombs are made of aluminum, glass or Aramid fiber mats such as Nomex®. To 
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manufacture the honeycomb, thin sheets of the web material are stacked and bonded 
along the node lines and then expanded to obtain the desired cell geometry. The 
direction parallel to the stacked sheets is commonly called the ribbon direction of the 
core, which is perpendicular to the expansion direction. Aluminum honeycombs retain 
their shape due to the plastic deformation, while the non-metallic honeycombs are 
dipped into polyester, phenolic or polyimide resins and cured in their final shape. 
Aluminum honeycombs have slightly better mechanical properties than Nomex® 
honeycombs, but are more difficult to bond to skins, and do not exist with densities as 
low as Nomex® honeycomb, or only with big cell size. 
An interesting comparison between foam and honeycomb core was made by Alstädt and 
Bardenhagen [16]. They showed that the strength of the panel with a honeycomb core 
was higher, but that energy absorption was higher with a foam core. Also the skin 
surface quality is better with foam, avoiding the so-called telegraphic effect in skin on 
honeycomb due to discontinuous core material. 
 
Adhesives 
The adhesive used to bond the skin to the core has also to be considered carefully. In 
practice, a bonding failure will result in complete failure of the sandwich structure. The 
most often used adhesives are epoxy resins, phenolic resins, polyurethanes and 
polyesters. Adhesives for core-to-skin bonding are often different from the matrix  resin 
of the composite face and are modified to increase their toughness [27, 28]. The choice 
of an adhesive is mainly a function of the type of core and skins to be bonded. Strength 
and toughness are the main factors influencing their choice. 
 
2.1.3. Processing of sandwich structures 
The most common processes for a sandwich structure with fiber composite skins are 
briefly described in this section. A detailed description of sandwich structure 
manufacture can be found in [29]. The basic principle of the manufacturing process is to 
bond the core to the skins in a mould by applying pressure on the part to ensure good 
quality. The process may differ in the way the skins are impregnated with the resin, by 
the number of steps to bond the core to the skins, and by the way the pressure is applied. 
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The easiest way to impregnate the fibers with resin is to use the so called wet lay-up 
technique, in which the fibers are impregnated by hand with liquid resin. This method 
does not allow a good control of the resin distribution and quantity, and the fibers-to-
matrix ratio is quite low. To improve the quality and also to avoid contact of the 
operator with the resin, resin injection techniques are used. Therefore, the complete 
sandwich part is pressed into a mould and the resin is injected or sucked by vacuum to 
impregnate the fibers [30]. Of course, this method only works with closed-cell core in 
order to avoid filling the core with resin. To further improve the quality, pre-
impregnated fibers (commonly named prepregs) are used. The use of prepregs enables a 
high fiber-to-resin fraction to be obtained and to accurately control the quantity of resin 
in the skin, ensuring high quality and good reproducibility, which is of primary 
importance in designing structural parts. The use of prepregs is also very convenient for 
composite manufacturing since it avoids the need of liquid resin. The disadvantages of 
the prepregs are their limited drapability, limited life-time and their higher price. 
 
The number of steps involved in sandwich fabrication can have a significant impact on 
the final properties of the structure. If a sandwich with two prepreg skins and a 
honeycomb core is considered, the following different procedures can be used. The 
skins can be cured separately under pressure in a mould, and afterwards bonded to the 
core. This method has the advantage of producing very good quality skins which are 
well compacted under pressure. However, if the sandwich panel is not flat, two different 
moulds are necessary for the two skins, which dramatically increases the cost. Also, the 
skins have to be manipulated between the different steps, which can be delicate for large 
structures with thin skins. Another solution is to cure the skins and bond them to the 
core in one step, the so-called one-shot curing. The clear advantage of this process is its 
simplicity and lower cost, but the quality of the skins can be lower because pressure is 
applied on the honeycomb and is not continuously distributed on the skins. This can 
cause waviness of the skin thereby increasing the risk of local instability under 
compressive stresses [31]. The best compromise between these different possibilities 
has to be evaluated for each different case, depending on the type of core, thickness of 
skin, size of the panel, and of course cost limitations. 
 
To obtain good core-to-skin bonding and a satisfactory compaction of the composite 
skins, pressure has to be applied on the sandwich part during curing. The choice of the 
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pressure applied has to be adapted to the type of sandwich manufactured. In fact, 
ultralight structures can be damaged by too high pressure while low pressure will lead to 
high skin void content in structures with thick skins. The vacuum bag technique enables 
almost 1 bar pressure to be easily applied all over the sandwich panel, even when 
dealing with very large sized parts with complex shapes. The use of an autoclave allows 
pressure on the part to be increased, but limits the size of the structure to the size of the 
autoclave which can dramatically increase the costs for large parts. Another solution is 
to use a press which functions at a higher production rate, but necessitates a male and 
female mould, which, again, increases the basic investment. 
 
2.1.4. Sandwich mechanics 
Sandwich mechanics have been covered extensively in several books [18-21, 23]. 
Therefore only the main equations used in the present work are given in this section, 
without a complete development. All the equations given apply to homogenous skins. If 
composite faces are used, then the equivalent mean Young’s moduli have to be used, 
which are calculated according to Classic Laminate Theory (CLT) [32]. In addition, the 
mean stresses calculated in the skins have to be used to calculate the stress state in each 
ply of the composite skin. 
Flexural rigidity and stresses 
Flexural rigidity is calculated using the classic Bernoulli hypothesis, i.e. a plane section 
of the beam before flexion is still plane after deformation. Figure 2-3 shows a cross-
section of a sandwich structure with the nomenclature of the different dimensions and 
properties. 
 
Figure 2-3: definition of the neutral axis on a sandwich with different faces 
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The position e of the neutral axis in the sandwich can be calculated with 
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and the flexural rigidity is then given by 
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with Ef the elasticity modulus of the skins, Ec the in-plane elasticity modulus of the 
core, tf the thickness of the skins, tc the thickness of the core and B the width of the 
beam. d is the distance between the centers of the two faces given by  
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When the faces are identical, the neutral axis is in the center of the beam and the 
flexural rigidity becomes 
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Assuming that the in-plane Young’s modulus of the core is low, i.e. Ec << Ef, the in-
plane tension and compression stresses in the core are negligible and the second term of 
equation (2.4) can be disregarded. This approximation is particularly justified with 
honeycomb cores which have a low in-plane Young’s modulus. Furthermore, if the 
faces are very thin, the first term, representing the bending stiffness of the skins alone, is 
also negligible. Changes in the stress state of the sandwich structure due to these 
approximations are represented in Figure 2-4. With these approximations, the flexural 
rigidity is   
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Figure 2-4: direct and shear stresses in the skins and core of sandwich structures with 
approximations (figure from [20]) 
 
Depending on the direction of bending, a skin can be either under tension or 
compression. As the stress calculation formulae are identical in both cases, the term of 
“direct stresses” is used to designate the stress in the skins, either tensile or 
compressive, in order to be more generic in the descriptions. Direct stresses in the faces 
caused by a bending moment M are given by  
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and this can be simplified with the weak core and thin faces approximation to 
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Shear stiffness and stresses 
Shear stresses have a parabolic profile through the thickness of the core. However, 
according to the weak core assumption, shear stresses in the core are constant and are 
given by 
 c
T
Bd
τ =  (2.8) 
where T is the shear force. The shear stiffness of the sandwich then becomes 
 
2
core
B
c
G dS B
t
=  (2.9) 
with Gcore the shear modulus of the core.  
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2.1.5. Failure modes  
Sandwich structures composed of a combination of different materials present 
optimized mechanical properties but also complex mechanical behavior with many 
different types of failure [33, 34]. For the design of a sandwich structure to be coherent, 
each potential failure mode has to be considered. Therefore a brief description of the 
most usual failure modes is made in this section, with emphasis on the most critical 
ones for the light sandwich structures considered in this study. Figure 2-5 summarizes 
the most usual failure modes. 
 
Figure 2-5: The potential failure modes of sandwich beams: (a) Face yielding/fracture, (b) core 
shear failure, (c) wrinkling, (d) wrinkling and skin debonding, (e) global buckling, (f) shear 
crimping, (g) face dimpling, (h) local indentation (figure from [20]) 
 
Face yielding or fracture 
This failure mode occurs when the maximum stress in one face is higher than the yield 
or fracture strength of the skin either under tension or compression. This failure mode is 
easy to predict by calculating the maximum principal stresses in the face depending on 
loading case. In the case of a composite face, a ply-by-ply analysis has to be carried out 
using conventional failure criteria (for example Tsai-Hill [32]). 
 
Core shear failure  
This failure mode may occur when the shear stresses in the core calculated with 
equation (2.8) exceed the shear strength of the core. Attention has to be paid to the shear 
strength change according to the loading direction with honeycomb core. 
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Face wrinkling  
Wrinkling is a failure mode due to local face sheet instability. The skin buckles in the 
core and forms waves. This mode appears frequently in sandwich panels with thin skins 
and a low density core [35] and is therefore of primary importance for ultra-light 
sandwich structures. The prediction of the failure load in this mode is difficult, due to 
the very high sensitivity to imperfections, which are always present in composites. This 
mode can be interpreted as a beam or strut (the skin) resting on an elastic foundation 
(the core). Numerous studies have been made to model and predict the wrinkling load 
[17, 19, 35-51]. Ley et al. [52] made an extensive review of the most commonly used 
models, their advantages and disadvantages and their agreement with experimental data. 
Therefore, only the most commonly used models are presented in this section.  
Wrinkling of the faces of a sandwich panel under compression can be either symmetric, 
or anti-symmetric, as depicted in the schematic cross-sections of sandwich beams in 
Figure 2-6. In this section, only symmetrical wrinkling is considered, because this 
phenomenon corresponds better to the wrinkling occurring in the face under 
compression during bending of the sandwich beam, which is especially investigated in 
this study. 
 
Figure 2-6: symmetrical (left) and anti-symmetrical wrinkling of the faces of a sandwich panel 
under compression 
The wrinkling problem is usually represented as a face under compression laying on a 
continuous support. The corresponding equilibrium equation for this case is  
 
4 2
4 2 0f
d w d wD N kw
dx dx
+ + =  (2.10) 
where Df is the bending stiffness of the face per unit width, N the compressive force in 
the face per unit width, and k the stiffness of the elastic foundation. The various 
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wrinkling models are mainly based on the hypothesis that the wrinkled face has a 
sinusoidal shape so that the deflection perpendicular to the face is given by 
 sin xw W
l
π⎛ ⎞
= ⎜ ⎟⎝ ⎠  (2.11) 
where W is the amplitude of the wrinkle, l the half-wavelength of the wrinkle, and x the 
coordinate parallel to beam length. By inserting equation (2.11) in (2.10), the load 
becomes 
 
2
2
2 2
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The critical half-wavelength minimizing the load is found by setting N l∂ ∂  equal to 
zero and is  
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and the corresponding critical load in the skin is then  
 2cr fN kD=  (2.14) 
The choice of the stiffness k of the core depends on the assumptions made concerning 
the behavior of the core [19]. 
Hoff and Mautner [51] considered an isotropic homogenous core and a linear stress 
decay in the core and  then calculated that the critical wrinkling stress in the skin was  
 
30.91Hoff f c coreE E Gσ =  (2.15) 
where Ef is the modulus of the isotropic facesheet and Ec and Gcore are the normal and 
shear core  moduli. Experiments showed that this formula was not conservative, i.e. that 
the predicted load was higher than the real failure load, so that the factor 0.91 was 
reduced to 0.5 to correlate with experimental results. 
Plantema [18]  considered an exponential stress decay in the core and took into account 
the possible anisotropy of the face sheets by keeping the bending stiffness of the face 
sheets in the formula, thereby obtaining the critical wrinkling load  
 
3
3 2
2Plantema f c core
N D E G=  (2.16) 
where Df is the face sheet bending stiffness calculated using laminate theory. Allen [19] 
developed a similar theory by considering that the stress in the core has to satisfy Airy’s 
stress function and therefore obtained 
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where νc is the Poisson’s ratio of the core. By considering isotropic face sheets, and a 
core Poisson’s ratio νc = 0.3 (for foam for example), equation (2.17) becomes 
 
230.58Allen f cN E E=  (2.18) 
These preceding formulae were established assuming a homogenous isotropic core. 
However, honeycomb core is not homogenous and corresponds better to the anti-plane 
stress assumption, i.e. that the core normal stresses in the plane of the sandwich panel 
are zero. 
Hemp [41] developed a formula for wrinkling, assuming anti-plane stress in the core, 
which has shown relatively good agreement with experimental results [52], and 
provides a generally conservative prediction of the failure load. The critical line load in 
one skin when the panel is loaded under compression is given by 
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where Ecz is the compression modulus of the core normal to the panel. Yusuff [37] 
obtained the same formula by considering the elastic foundation stiffness in equation 
(2.14) to be  
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which means that the core behaves as linear springs on each side of the undeformed 
middle plane of the panel. The corresponding critical half-wavelength is then given by 
combining equations (2.13) and (2.20) and is  
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He further developed the model by taking into account the shear deformations in the 
core caused by wrinkling. In this case, he postulated that the core was only affected by 
deformations to a depth H on each side of the panel. 
  
In this zone, the displacement of the core was given by  
 sinz xw W
H l
π⎛ ⎞
= ⎜ ⎟⎝ ⎠  (2.22) 
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where z is the axis normal to the panel, with the zero placed at a depth H and pointing 
outward from the panel as illustrated in Figure 2-6. The normal and shear strain in the 
core could then be calculated as  
 
sin
cos
z
xz
w W x
z H l
w W z x
x l H l
π
ε
π πγ
∂ ⎛ ⎞
= = ⎜ ⎟∂ ⎝ ⎠
∂ ⎛ ⎞
= = ⎜ ⎟∂ ⎝ ⎠
 (2.23) 
The normal stress is thus constant in the z direction over the height H, while the shear 
stress decreases linearly. The variation of the shear stress is not compatible with the 
anti-plane stress assumption, and therefore the model is not suitable for honeycomb 
cores. By setting the elastic energy caused by shear and normal strain equal to the 
elastic energy stored in an elastic foundation of stiffness k given by 
 
2 cEk
H
=  (2.24) 
the depth H is 
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 By combining equations (2.25) and (2.24) with (2.14) and (2.13), the critical load and 
corresponding wavelength are 
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 (2.26) 
The load formula is similar to Plantema’s and Hoff’s models, however with a different 
coefficient. As deformation in the core vanished at a depth H in Yusuff’s model, it is 
thus only valid if the sandwich panel has a thickness greater than 2H. Yusuff 
recommended using equation (2.19) when tc< 2H, and equations (2.26) when tc> 2H. 
He found satisfactory agreement between this theory and experimental work on 
sandwich panels with foam cores. 
Pearce and Webber [46] developed a similar model, but especially for panels with 
orthotropic face-sheets. The experimental verification [47] with honeycomb core and 
laminated carbon faces showed that the predicted wrinkling load was 20 to 30% lower 
than experimental failure load. The model was then improved by Webber et al. [48] by 
taking into account the extension / bending coupling in unsymmetrical laminate 
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facesheets. They compared their solutions with experiments made with sandwich panels 
with honeycomb cores and 0.3 mm carbon cross-ply face-sheets. They obtained good 
agreement with the experiments when they took into account a constant 0.25mm thick 
adhesive layer in the model. 
All the equations developed previously in this section were derived for sandwich panels 
under compression and for symmetrical wrinkling. As in this case the middle plane of 
the panel is unchanged, the same equations can be used for wrinkling in bending using 
the following hypothesis: 
• The bending deformations are small so that the induced compressive stresses in 
the core are small 
• The tensile deformation of one skin does not affect the behavior of the core for 
the elastic foundation 
In the case of bending, wrinkling occurs on one face only, so that the thickness of the 
elastic foundation is tc, while for the symmetrical wrinkling case, it is tc/2 for each face. 
Therefore, for bending the equations mentioned previously have to be corrected by 
replacing tc/2 by tc. 
Gutierrez and Webber [39] extended the work of Webber et al. by considering the 
wrinkling of the face under compression when the sandwich panel is loaded in bending. 
They used the anti-plane stress assumption for the core and considered the behavior of 
laminated composite faces with tension / bending coupling. The equilibrium equations 
for the core then become 
 1
xz
z
d
z k
dx
τ
σ = − +  (2.27) 
 
2
1
2
xz
cz cz
z d k
w z
E dx E
τ
= − +  (2.28) 
 
3 2 2
1
26 2
xz xz
core cz cz
z d z dk
u z
G E dx E dx
τ τ
= + −  (2.29) 
where σz is the normal stress in the core which decreases linearly through the thickness 
of the core, τxz is the shear stress in the core which is constant through the thickness, k1 
is the stress in the core at z = 0 function of x only, w is the vertical displacement, and u 
the displacement in length direction. The axis z is defined differently from symmetrical 
wrinkling. It is normal to the panel and the origin of the axis is in the middle of the face 
in tension, the middle of the face under compression being at z = d. Figure 2-7 
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illustrates the model used for the development of the equations. The skins are 
considered to be infinitely thin in the model, but separated from each other by the 
distance d corresponding to the distance between the skin centers in the real sandwich 
studied. 
 
Figure 2-7: wrinkling of the skin under compression in bending of the sandwich beam. 
To obtain equations (2.28) and (2.29), Gutierrez and Webber considered that the skin in 
tension stays flat and unstrained during wrinkling of the skin under compression, and so 
 u = w = 0 at z = 0. The equilibrium equations for the face under compression at z = d 
are 
 ( )
2 3
2 3ABD ABD xz z d
d u d wA B
dx dx
τ
=
− =  (2.30) 
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3 4 2
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d u d w d wB D N
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σ
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− − =  (2.31) 
where the coefficient AABD, BABD, DABD are defined with the ABD matrix of the 
laminated face by Webber et al. [48] as  
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 (2.32) 
At z = d, the displacement of the face-sheet and the core are equal, and so equations 
(2.27) to (2.29) can be combined into (2.30) and (2.31). Two differential equations in 
τxz and k1 are obtained. By suitable differentiation and substitution, an eighth order 
differential equation is obtained for τxz  
 
8 6 4 2
1 2 3 4 58 6 4 2 0
xz xz xz xzd d d dq q q q q
dx dx dx dx
τ τ τ τ
− + − + =  (2.33) 
with  
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 By considering that the wrinkled face has a sinusoidal shape with a half wavelength l 
given by 
 sin xw W
l
π⎛ ⎞
= ⎜ ⎟⎝ ⎠  (2.35) 
then to satisfy equation (2.28) the shear stress must have the form 
 cosxz xz
x
l
π
τ ⎛ ⎞= Τ ⎜ ⎟⎝ ⎠  (2.36) 
 By replacing τxz in (2.33), the following equation is obtained, with the unknowns N 
(hidden in the coefficients qi) and l: 
 
8 6 4 2
1 2 3 4 5 0q q q q ql l l l
π π π π⎛ ⎞ ⎛ ⎞ ⎛ ⎞ ⎛ ⎞+ + + + =⎜ ⎟ ⎜ ⎟ ⎜ ⎟ ⎜ ⎟⎝ ⎠ ⎝ ⎠ ⎝ ⎠ ⎝ ⎠  (2.37) 
By solving this equation numerically, the wrinkling line load N in the face can be 
calculated as a function of l. The value of l giving the lowest load corresponds to the 
critical wavelength and gives the critical wrinkling load of the beam.  
When using this model, Gutierrez and Webber noticed that taking into account the 
adhesive layer between core and skin in the calculation can have a significant influence 
on the wrinkling load when thin skins are considered. The model also confirmed than 
the wrinkling load was lower with thin faces and thick cores. 
 
The wrinkling formulae were shown to be often non-conservative when compared to 
experimental results [53]. This is generally mainly due to initial imperfections in the 
skin, which induce significant pre-buckling deformations, which, in turn, can cause 
failure of the skin at a lower load level than the predicted wrinkling load. The effect of 
initial imperfections has been studied by different authors [44, 45, 52-54]. They 
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calculated the local stresses induced in the core and the skin by the wavy deformation of 
the skin and compared it to the strength of the skin and core materials. The initial shape 
of the sandwich face sheet is described as 
 0 0
0
sin xw W
l
π⎛ ⎞
= ⎜ ⎟⎝ ⎠
 (2.38) 
where W0 and l0 are the initial amplitude and half-wavelength of the imperfection 
respectively. When a load N is applied on the skin, the skin shape becomes 
 ( )0 0
0
sin xw w W W
l
π⎛ ⎞
+ = + ⎜ ⎟⎝ ⎠
 (2.39) 
 and the equilibrium equation of the face is 
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By solving this equation, the supplementary deformation of the face is obtained as 
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with Nm being the wrinkling load associated to the half-wavelength l0 of the initial 
imperfection given as  
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It can be seen in equation (2.41) that the amplitude of the deformation W is maximum 
when Nm is minimum, i.e. when the wavelength of the initial imperfection is the same as 
the critical wavelength given by equation (2.13). It should be noted that if the applied 
load N is near Nm, the amplitude of the deformation tends to infinity. This confirms that 
if imperfections are present, the panel will not break due to instability at the wavelength 
of the imperfection, but either due to the stresses caused by high deformation of the face 
or due to instability at a more critical wavelength. High deformation of the face can lead 
to different types of failure. The core can break under compression, in tension or in 
shear, the bonding line can break in tension and the face can fail in bending. 
With the elastic foundation model, the tensile or compressive stresses induced in the 
core can be written as  
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and the maximum local stress is then given by 
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If Yusuff’s model [50] with tc < 2H is used and the wavelength of the initial 
imperfection is considered to be identical to the critical wavelength, then by combining 
(2.19) and (2.20) and setting the maximum tensile or compressive stress equal to the 
core strength Zc, the limit load for core failure becomes  
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If the model for tc > 2H is used, the maximum normal stress can be calculated with the 
strain in equation (2.23) which then becomes  
 zm cz
WE
H
σ =  (2.46) 
Therefore, by considering that the wavelength of the initial imperfection is identical to 
the critical wavelength, and by combining (2.25), (2.26) and (2.41) and setting the 
maximum tensile or compressive stress equal to the core strength Zc, the limit load for 
core failure becomes 
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Similarly, the maximum shear stress in the core can be expressed with equation (2.23) 
as 
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N
π π
τ = =
−
 (2.48) 
By setting the wavelength of the imperfection equal to the critical wavelength, and the 
maximum shear stress equal to core strength, the load causing shear failure of the core 
becomes 
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Note that all the formulae developed above consider a linear behavior of the core until 
failure. This may be corrected by using the secant modulus in the case of plastic 
deformation of the core. 
Wrinkling deformation of the face can also cause failure of the face due to high local 
bending deformation as shown by Fagerberg and Zenkert [53]. As the critical part in 
bending is normally the part under compression, the maximum compressive strain in the 
face can be calculated by adding the part due to bending and the part due to 
compression as in 
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where h is the distance from the neutral axis of the face to the surface under 
compression of the face (tf/2 for isotropic faces), and A11 is a coefficient of the ABD 
matrix of the laminated face. The strain can then be calculated with models for tc < 2H 
or tc > 2H and the corresponding critical wavelength, and then compared to the strength 
of the face in order to identify the load causing face failure. 
Fagerberg and Zenkert [53] did compression tests on sandwich samples with foam cores 
and carbon faces and confirmed that the failure load prediction was good when 
assuming small initial imperfections in the skin between 0.01 mm and 0.25 mm. 
A similar study was conducted by Kassapoglou et al. [17] in order to determine the 
compressive strength of a wavy facesheet. By considering an initial shape of the same 
form as that used in equation (2.38), they calculated the induced tensile, compressive 
and shear stresses in the core, the tensile and shear stresses in the adhesive layer, and 
finally the maximum local stresses in the skin with the models described previously, but 
considering Hoff’s model (equation (2.15))for the critical load Nm. The analytical 
models showed good agreement with the experimental results and an FE model. 
These various models assume that wrinkling occurs at a particular critical wavelength. 
When honeycomb core is used, if the calculated wavelength is in the order of the cell 
size, there is not a continuous support to the skin and the accuracy of the models can be 
limited [39] because local instability changes to intracellular buckling (dimpling) of the 
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skin. Large honeycomb cells, skins with low stiffness, and a stiff core will favor the 
transition from wrinkling to dimpling [49]. 
 
Face dimpling (intracellular buckling) 
Face dimpling is a local instability which occurs with discontinuous cores such as 
honeycomb or corrugated core. This type of instability is often observed in sandwiches 
with thin faces. It can be reversible, but may also lead to the instability and then failure 
of the skin. The critical stress in the skin leading to dimpling with a hexagonal 
honeycomb core is often calculated with the classic formula [43] 
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where s is the inner diameter of the circle inscribed in honeycomb cells, i.e. the distance 
between two parallel faces. This formula was shown to be overly conservative and a 
new model better adapted to composite skins was developed by Thomsen and Banks 
[55]. They considered that the skin was clamped on two edges of the hexagonal cells 
and simply supported on the other edges and used a rectangular shape as approximation. 
Figure 2-8 shows the loading case used to solve the plate buckling problem.  
 
Figure 2-8: loading case used to solve the dimpling problem. Two edges are clamped, the others are 
simply supported. Figure from [55] 
The critical line load obtained is 
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where the Dij coefficients are the coefficients of the D-matrix of the skin obtained by 
classic laminate theory. A weakness of this model is that the nominal size of the 
honeycomb cell did not take into account the reduction of cell size caused by the 
formation of resin fillets along the cell walls with the adhesive used to bond the 
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facesheet to the core. Also the choice of the length c as represented in Figure 2-8 is 
somehow arbitrary. In practice, c could be 1.5 times longer, which would correspond to 
the real wavelength from one row of honeycomb cells to the next. 
 
Skin debonding 
Debonding of the skin can occur mainly due to two different loadings. Firstly, when 
out-of-plane loads are applied to the structure, shear stresses appear in the core / skin 
interface and can lead to debonding, if the bonding is insufficient. Secondly, when the 
skin is under compression, it can buckle and debond from the core. These two modes 
are often combined during loading and failure load is therefore difficult to predict. 
Debonding can also be favored by other parameters such as high internal pressure in the 
core in the case of honeycomb [11]. Furthermore debonding is very sensitive to 
pre-existing bonding defects [56], and the failure load is dramatically decreased even 
with small defects. In fact, failure criteria for this mode are lacking and each case has to 
be analyzed individually by taking into account the loading conditions, the materials, 
and the size of the potential defects which might be present in the interface but cannot 
be detected by non destructive testing (NDT) methods. Therefore this particular mode is 
especially studied in section 2.1.8. 
 
Global buckling and shear crimping 
Buckling of the sandwich beams is very similar to ordinary Euler buckling theory. The 
difference is that instability may also occur due to shear in the sandwich beam. 
Therefore, the critical load is given by  
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where Pb is the critical load due to pure bending calculated with Euler theory and Ps is 
the critical load due to shear, given by 
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where L is the length of the beam and η depends on the boundary conditions [57]. 
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Local indentation 
Although the strength and stiffness of the sandwich structures are very high, they are 
highly sensitive to local loads which can easily indent the skins. This type of failure is 
favored by low compressive strength of the core and thin skins, but the exact failure 
load is difficult to predict [33]. 
 
2.1.6. Mechanical Testing  
To validate the sandwich structure design for every potential failure mode, different 
mechanical tests have to be designed. The principal tests used to characterize the 
sandwich structures are described in this section. 
 
Bending tests 
Bending tests are used to validate a structure in a loading mode, which might be similar 
to a loading situation during sandwich structure use. This test has the advantage of 
exposing the sandwich structure to several failure modes in a single test and can test 
simultaneously the tensile and compressive strength of the skins (including local 
instability) and the shear strength of the core. 
The limitation of this test is the presence of transverse stresses in the bent sandwich 
structure pressing the skins against the core, so that the skins are not under pure tension 
and compression, even if no shear is present. Local loading of the sandwich parts can 
also lead to local indentation and failure of the skin, thus preventing measurements of 
the bending strength of the beam. 
3-point and 4-point bending tests are the two main variants used. Figure 2-9 illustrates 
these tests schematically. The advantage of 4-point bending is that the central zone 
between the two inner loading points is free of shear, and also the load is applied 
through two loading points, thereby diminishing the risk of local indentation. 3-point 
bending is mainly used to measure the stiffness of the beam only, because failure 
usually occurs under the loading point, so with a mixity of local indentation and 
compressive failure of the skin, which gives no valuable information. 
The requirements of the test are described in the ASTM standards [58]. The maximum 
deflection in the centre of the beam measured in 3-point bending is given by 
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The bending stiffness DB and shear stiffness SB can be calculated independently if the 
test is undertaken with two different spans. The use of a long span means that 
deflections due to shear can be disregarded. 
The displacement of the loading points in 4-point bending is given by 
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and the relative displacement between the loading points and the center of the beam 
(measured by the Linear Variable Differential Transformer (LVDT) in Figure 2-9) is  
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As the center part of the beam is free of shear, this last formula enables the bending 
stiffness DB to be calculated directly, and the shear stiffness can then be calculated with 
equation (2.56). 
The direct stresses in the skins between the loading points are given by equation (2.7), 
that is 
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Figure 2-9: 3-point and 4-point bending tests. The displacement of the loading point is measured, as 
well as the displacement of the centre of the beam in 4-point bending. The LVDT is fixed to the 
loading points and measures the difference between the deflection of the center point and the 
deflection of the loading points. 
During bending, when the sandwich deforms, a compressive load occurs in the core. 
This can be calculated by considering a portion of the sandwich beam submitted to pure 
bending, as illustrated in Figure 2-10. The equilibrium for the vertical component on the 
upper or lower skin separately is given by 
3 
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where ϕ is the angle between the vertical and the normal to the skin surface and q is the 
normal load per unit length exerted by the core on the skin. This gives  
 qr N=  (2.60) 
and knowing that  
 
1
B
M
r D
=   and Nd M=  (2.61) 
we obtain finally 
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This load has to be taken in account for evaluating compressive failure of the core. 
 
Figure 2-10: sandwich beam in pure bending, with core replaced by load per unit length q 
Compression test 
Sandwich structures with thin skins are highly sensitive to local instabilities in 
compression and therefore failure modes under compression of the sandwich beam in a 
lengthwise direction have to be tested. This test has the advantage of loading the skins 
under pure compression without any out-of-plane loads. However several difficulties 
are encountered with this test. Firstly, failure often occurs at the load introduction points 
at the ends of the sandwich structure. The ends can be embedded in resin to avoid this 
problem. Secondly, the ends of the structure have to be perfectly parallel to the loading 
plates to avoid misalignment and dissymmetric loading. Equal loading of both faces of 
the sandwich is thus very difficult to obtain, and the real stress distribution in the skins 
is unknown, unless strain gages are placed on both sides of the sample, thus resulting in 
a wide scattering of the test results. 
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Core-to-skin adhesion testing 
As core-to-skin adhesion is difficult to predict by theory, numerous tests have been 
developed to evaluate the bonding. The Flatwise tensile test (FWT) [59] evaluates the 
tensile strength of the interface by pulling apart two blocks glued onto each face of a 
square sandwich sample. Figure 2-11 illustrates this test set-up. This simple test has 
often to be completed with more critical tests for the core / skin interface with pre-
existing cracks. A modified double cantilever beam test (DCB) adapted to sandwich 
structures is often used to measure the strain energy release rate, or debonding energy, 
on sandwich structures [60]. A crack is propagated essentially in mode I (crack opening 
mode) by pulling apart the two skin tips of a sandwich beam. The main difficulty of this 
test is to measure the crack length, especially with honeycomb cores which are 
discontinuous. Therefore, Gunderson et al. [61] recently proposed a method to calculate 
the fracture toughness JC with the J-integral method [62] simply based on the load and 
the angular displacement of peel arms at the load application points during DCB test, 
thus avoiding measurement of the crack length. The measurements could then be carried 
out quickly with a simple transducer measuring peel arm angle. The DCB test is limited 
to sandwich structures with sufficiently thick skins to avoid too large bending of the 
skin during loading. Williams [63, 64] studied the potential errors due to large 
deflections of the peel arms during measurements with DCB tests for laminates, and 
introduced correction factors to obtain more accurate results. Different variations of this 
test were studied by Cantwell et al. [65-69] to measure the debonding energy either in 
mode I or mixed-mode (modes I and II). In particular, the single cantilever beam test 
illustrated in Figure 2-11 was often used. In this test, the sandwich sample is fixed onto 
a sliding carriage to allow self-alignment of the sample and to have mostly mode I crack 
propagation. 
  
Figure 2-11: Flatwise tensile test and single cantilever beam test on sandwich structures 
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To measure the debonding energy for sandwich structures with very thin skins, either 
the skins have to be reinforced in order to use the DCB test or the climbing drum peel 
test can be used. The set-up used for this test is illustrated in Figure 2-12. The skin is 
rolled around a drum and progressively peeled from the core. By measuring the torque 
applied to the drum the debonding energy can be calculated. The crack is propagated 
principally in mode I and it was shown by Okada and Kortshot [70] that the strain 
energy release rate agreed well with that measured with the DCB test.  
As the core / skin interface is often loaded in shear, it is also interesting to measure the 
strain energy release rate when a crack propagates in mode II (shearing mode). As no 
standards are available for such tests, various tests have been developed. The most 
current one is the cracked sandwich beam (CSB) test. It is based on classic bending test 
on a sandwich beam with a crack at the core / skin interface at one end of the beam. The 
crack propagates due to shear stresses in the interface during the bending test. This test 
only works when sufficient stiffness of the beam is maintained with partial core / skin 
debonding, i.e. with thick skins and a stiff core in in-plane direction. Therefore this test 
gives good results with foam cores [71-76], but is very difficult to use with honeycomb 
cores [77]. 
The tests described above are used to measure debonding energy in pure mode I or II. 
However, it is very difficult to identify the modes present in common loading cases. 
Charalambides [78] and Williams [79] have therefore developed analytical criteria to 
calculate the mode partition in laminates.  
In order to better understand the mode partition and stress distribution at the core / skin 
interface, FE modeling is often used [69, 80-85]. The crack closure technique is often 
employed to calculate the mode partition of the strain energy release rate. In this 
method, a sandwich beam with an interfacial crack is modeled in the loading case 
studied. The forces that have to be applied on the nodes of the first element cracked at 
crack tip to close the crack are calculated in out-of-plane direction for mode I and in a 
lengthwise direction of the beam for mode II. With these loads and displacements of the 
nodes, the strain energy release rate in different modes can be directly calculated. These 
FE simulations enable the critical points and the most critical loading cases on the 
structure to be identified for debonding. 
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Figure 2-12: Climbing drum peel test set-up (figure from [86]) 
2.1.7. Design and optimization of sandwich structures 
For optimal use of the high mechanical properties of the sandwich structures, all the 
different design variables have to be considered and the best compromise has to be 
found according to the loading cases during structure use. As the variation of each 
design variable affects all the others, a global optimization has to be carried out taking 
into account all the design variables at once in order to find the best sandwich structure 
for a given application. Such a global methodology for optimizing mechanical 
properties were described by Gibson and Ashby [87]. 
Froud [88] devised a simple analytical model to calculate the optimum ratio between 
skin weight and core weight for maximizing either the flexural rigidity or bending 
strength of sandwich beams. To calculate the flexural rigidity, the deflection due to 
shear of the core was not considered. With thin skins and weak core assumptions (see 
section 2.1.4), he found that maximal flexural rigidity was obtained when the core 
weight was 2/3 of the total weight. Similarly, by considering that failure of the beam 
occurred due to skin fracture, the maximum bending strength was obtained when the 
core weight was equal to the total weight of the skins.  
These theoretical optima have been verified experimentally by Theulen and Peijs [89]. 
They produced sandwich panels consisting of foamed PVC core and glass/epoxy faces 
with various ratios of faces weight-to-core weight. The beams were tested under 4-point 
bending to measure their stiffness and strength. Every beam broke due to compressive 
failure of the face. Good correspondence was found between the experimental results 
and the theoretical model. More recently, a similar study was made by Murthy and 
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Munirudrappa [90]. They produced sandwich panels with GFRP skins and Nomex® 
honeycomb cores of various thicknesses and tested them with 4-point bending tests. 
They found an optimal core-to-skin weight ratio of 2.04 and 0.96 for stiffness and 
strength respectively, which correlates very well with theoretical models. However, they 
gave no details of the failure mode during tests evaluating the bending strength, which 
is vital to satisfy the basic hypothesis of face fracture for the model. For example, this 
model is not valid if face wrinkling occurs and is therefore not appropriate for the 
design of ultra-light structures. 
Gibson [91] devised a similar optimization as Froud but concentrated on sandwiches 
with foam cores only. The basic hypothesis of the model was that, for foams, Young’s 
modulus and shear modulus are proportional to the density squared. In his model, he 
calculated the bending stiffness, i.e. he considered the deflection due to pure bending 
and to shear of the core. He identified the optimal thickness for core and skins in order 
to reach the required bending stiffness by minimum weight. He found that the optimal 
ratio of the weight of the skins to that of the core is ¼. 
Triantafillou and Gibson [92] studied the different failure modes in foam core sandwich 
beams with aluminum faces. They devised analytical models to predict the failure load 
due to face yielding, face wrinkling, core yield in shear, and core yield under tension or 
compression. They also considered possible debonding failure or core indentation, but 
this was not studied in detail. They developed failure maps predicting the failure type 
depending on core density and skin thickness for a given loading configuration. An 
example of such a map determining failure mode as a function of skin thickness to span 
ratio and core density is shown in Figure 2-13. They found that face yielding, face 
wrinkling, and core shear were the dominant failure modes.  
 
Figure 2-13: typical failure mode map for sandwich plate with aluminum faces and foam core from 
reference [92] 
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These maps were then verified experimentally by testing sandwich beams under 3-point 
bending and good agreement was found with the theory. 
In a further study [93], they used the failure maps to find the minimum weight design 
for a given strength for foam core sandwich panels. The basic idea was that core and 
skin should break at the same time, otherwise one element is over designed. They found 
that the optimum design lies at the intersection of all three intersection lines on the 
failure map and that face yielding, wrinkling, and core shearing all occur 
simultaneously. The beam design variables are then fixed by the equations of the 
transition lines between failure modes. All these analyses assumed that the bond 
between the faces and the core did not fail. This has then to be further analyzed. 
Petras and Sutcliffe [34] developed similar failure maps with honeycomb core sandwich 
panels. They investigated face yielding, intra-cell dimpling, face wrinkling, core shear 
failure, and indentation. They compared classic strength equations with 3-point bending 
measurements with various core densities, cell size, and span length. They found 
satisfactory agreement between the predicted failure loads and the measurements for 
face yielding, face wrinkling, and core crushing, but with significant scattering of the 
data. The prediction for face dimpling was poor. The limited quality of the results may 
be explained by the test chosen. In fact, the 3-points bending test caused failure under 
the loading point, making it difficult to separate the effect of core indentation from other 
failure types. 
Ding [94] developed a methodology for optimizing the structure by taking into account 
the diverse global and local instabilities which can occur and gave a good overview of 
the buckling constraints. 
 
The sandwich structures are often constructed symmetrically. Nevertheless, depending 
on the loading case, it may be advantageous to have skins of different thicknesses. For 
example, a sandwich with thin skins in bending will often break because of skin 
instability under compression, while the skin under tension is far from its tensile limit. 
Bending strength can then be improved by increasing the thickness of the skin under 
compression. Kim and Swanson [95] tested sandwich beams with foam cores and 
different face thicknesses. They did not obtain significant strength improvement 
because the failure was in the core. However they demonstrated the need to redesign 
every constituent when a change is made in order to improve the structure. 
 State of the art 
 53  
When the sandwich part is designed for commercial application, the cost has also to be 
part of the optimization process. To this end, Pflug and Verpoest [96] developed a 
methodology based on selection charts for sandwich structures in order to design 
structures with optimal cost / performance ratio. 
All these different optimization procedures enable enhanced sandwich structures to be 
fabricated. However, as no design criteria exist for core to skin bonding, this potential 
failure mode was not taken into account for optimization. For classic sandwich 
structures weighing several kg per square meter, commercial adhesive films provide 
sufficient bonding, while increasing weight by only a few percent, whereas in ultra-light 
sandwich structures weighing less than 1 kg/m2, an over-designed adhesive layer can 
significantly increase the weight. Therefore the influence of the adhesive joint on failure 
has to be taken into account and the debonding mechanisms understood in order to 
further optimize ultralight sandwich structures. 
2.1.8. Core-to-skin bonding optimization 
The study of bonding can be separated into two distinct scales of analysis: macroscopic 
scale by measuring debonding energy of the skin, and microscopic scale by observing 
the failure mechanisms. Many authors have measured the debonding energy of 
sandwich structures, principally with foam cores, but little attention has been paid to the 
microscopic mechanisms in skin debonding with honeycomb cores. A brief summary of 
the main conclusions of the papers studying core / skin adhesion with materials 
resembling those used in the present study is given in the present section. 
Debonding energy measurements 
To measure the debonding energy of a sandwich structure, every parameter during 
processing has to be carefully considered, since bonding can be highly sensitive to 
process variations. For example, using the DCB and FWT tests, Ural et al. [97] 
highlighted the fact that the debonding energy was lower for the skin on the bag side 
than on the tool side when the sandwich was cured in one shot, using the vacuum bag 
process. This showed that more resin flowed from the prepreg in the bonding line on the 
tool side than on the bag side, but no further analysis of the bonding line was made. 
This indicates that attention must be paid to the bonding of both sandwich faces, even if 
the materials and curing cycles are identical. 
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In addition, the geometry of the samples has to be chosen carefully, as this can also 
influence the measured strain energy release rate. Grau et al. [83] used the DCB test to 
measure fracture toughness with a honeycomb core and carbon skins. They especially 
studied the mode mixity at crack tip with FEM during a test. They observed that mode 
mixity and thus the strain energy release rate Gc slightly changed with the thickness of 
the core and length of the crack in the DCB test. The interfaces subjected to a higher 
percentage of mode II stresses had a higher Gc value. Using the DCB test, Avery and 
Sankar [98] also measured Gc of sandwich beams with Aramid honeycomb cores and 
thin carbon skins, and observed the effect of varying core thickness, skin thickness, and 
core density. They measured higher values with low density cores and thick skins, but 
no significant effect of the thickness of the core was observed. As the sandwich was 
cured in one shot and the resin of the prepreg was used to bond the skin to the core, a 
larger amount of resin could flow in the bonding line when more layers of prepreg were 
used, thus explaining better bonding with thicker skins. 
Berkowitz and Johnson [99] also used the DCB test to measure the fracture toughness of 
carbon skin to Nomex® honeycomb core bonding. They used the compliance 
calibration method [60] to avoid carrying out difficult crack length measurements. Once 
the equation correlating compliance to crack length was established, the toughness 
could be directly calculated, based on the force displacement curve, without measuring 
the crack length. They observed that with a light Nomex® honeycomb core (48 kg/m3) 
bonded with commercial adhesive (Cytec Meltbond 1515-3M) film on the prepreg by 
co-curing, bonding was sufficiently high so that cracks propagated in the honeycomb 
core and not in the bonding line with a strain energy release rate of 1180 J/m2 at 
ambient temperature. This shows that the core / skin bonding was oversized and needed 
to be optimized. 
 
Microscopic failure mechanisms 
For honeycomb core-to-skin bonding, the formation of a resin fillet between honeycomb 
cell wall and the skin was shown to be determinant. Figure 2-14 shows a schema of a 
cross-section of such resin fillets. Okada and Kortschot [70] studied the importance of 
the resin fillet during core / skin delamination. They demonstrated that bigger resin 
fillets absorb more energy during delamination, due to energy dissipation phenomena by 
fillet breaking. In fact, because of the energy dissipation in the resin fillets, the strain 
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energy release rate value of the honeycomb core-to-skin bonding could exceed that of a 
laminate made from the skin material and same resin as the fillet, even though the area 
of fractured resin was lower. 
Honeycomb
Skin
Honeycomb 
cell walls
Adhesive fillets
 
Figure 2-14: schematic representation of the adhesive fillets forming between the skins and the 
honeycomb cell walls 
Grove et al. [100] studied the influence of cure cycle, vacuum pressure, temperature 
ramp rate, and vacuum application time on debonding energy. The temperature during 
the curing cycle and the temperature ramp rate had the most significant effect on the 
bonding. They found that high peel strengths were associated with the largest and most 
regular adhesive fillets between the skin and core cell walls. The same findings were 
made by Allegri et al. [101]. They used an interesting method to obtain a uniform 
geometric shaping of the menisci. They laid a thin adhesive film on the honeycomb 
core, perforated the film in the middle of each cell and then heated it with a heated air 
jet. The viscosity of the resin decreased and the adhesive film tore in the middle of the 
cells. The resin was pushed by the air jet close to the edges of every single cell and it 
was shaped into a bonding meniscus made of partially reticulated adhesive. The skin 
was then placed onto the core in direct contact with the menisci. This process enabled 
the whole adhesive film to be used in the regularly shaped adhesive menisci, thus 
obtaining better bonding than with classic adhesive film forming smaller and more 
irregular menisci.  
The determinant effect of the meniscus size was also demonstrated by Chanteranne 
[102]. He studied the influence of the honeycomb cell size on meniscus size. He stated 
that the height of the fillets increased with the size of the honeycomb cells due to larger 
amount of adhesive available, and that the associated debonding energy was higher. He 
also observed that the humidity rate in the processing room, and primer treatment of the 
Aluminium honeycomb had important influences on meniscus height and thus on 
debonding strength, the highest strength being associated with high menisci. 
The dominant influence of the resin menisci in bonding was further highlighted by 
Hayes et al. [103]. They showed that not only the size, but also the quality of the resin 
fillet played a role. They made sandwiches with commercial self-adhesive prepregs and 
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a home-made model prepreg with less solvent content. They showed that the solvent led 
to porosity formation and then decreased debonding energy.  
These different studies underline the need to control meniscus formation in core / skin 
bonding in order to achieve good bonding and to predict failure mechanisms during 
debonding. 
 
Debonding in sandwich structures under compression and bending 
Measurement of the critical strain energy release rate Gc and an understanding of failure 
mechanisms enables the debonding energy for the special loading case used for the 
measurement of Gc to be predicted and improved, but gives no information for the 
design of a sandwich structure with optimized core-to-skin bonding for loading cases to 
which the structure will be subjected when functioning in reality. In actual practice, the 
debonding energy is often measured in opening mode by peeling, but debonding of a 
skin in fact often occurs when the skin buckles due to applied compressive stresses. 
Several authors have studied the so-called post-buckling behavior of sandwich 
structures with bonding defects, or composite plates with delamination, in order to 
predict further propagation of the defect [84, 85, 104-111]. This research field has often 
been studied in order to understand the behavior of structures exhibiting impact damage 
under compressive loading. However, this domain is too wide to be reviewed in the 
present work and only a few results of interest for the present study are considered here.  
Models have often been developed using finite element simulation. One important 
conclusion to be drawn from these different studies is that post-buckling crack/defect 
propagation occurs mainly in mode I, and thus confirms the importance of determining 
the debonding energy in this mode [84, 85, 105, 106]. However, depending on the 
loading case, Grau et al. [83]  demonstrated that ignoring mode-mixity at crack tip can 
lead to overestimation of the load carrying capacity of debonded sandwich panels by as 
much as 40%. This confirms the need to know precisely the distribution and the mode 
of the strain energy release rate at crack tip. To this end, Withcomb and Shivakumar 
[84], for example, described a virtual crack closure technique which enabled mode 
partition and the distribution of total strain energy release rate around the boundary of a 
rectangular delamination to be calculated in a laminated plate. Such a calculation made 
it possible to predict where and at which stress level the delamination propagated. 
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For a simpler loading case, such as compression or bending of a sandwich beam with 
partially debonded skin, prediction of the ultimate compressive stress can be made 
based directly on the strength of the bonding [109], or on the critical strain energy 
release rate measured in mode I. On the basis of the GIC value, Kim and Dharan [112, 
113] developed an analytical model to predict the critical compressive load which 
causes skin buckling and debonding on beams with an initial debond. They therefore 
adapted the buckling model of  Vizzini and Lagace [108, 109] in order to calculate the 
strain energy release rate. The model correlated well with experimental results and may 
be used to predict a skin buckling load, knowing the initial debond length and GIC value 
for core / skin bonding. However, the authors used a very low Gc value, in the order of 
5 J/m2 to validate the model (usual Gc values for such bonding are ~1000 J/m2), which 
is questionable for the validity of the model and results. 
On the basis of the core / skin debonding energy, Zenkert [114] developed a similar 
analytical and FE model to predict the failure load of sandwiches with foam cores and 
with interface debonds loaded in bending. He investigated the shear stresses at the 
interface, and measured the critical energy release rate in mode II using the CSB test, 
and obtained good agreement between tests and model predictions. 
2.1.9. Process optimization 
Once all the components of the sandwich structure are chosen in order to obtain an 
optimal structure, the processing method has also to be adapted and optimized to 
achieve the highest possible quality. The main parameters are the applied pressure, the 
curing cycle, the number of cures, and finally the consumable used (i.e. the films, peel 
ply, breather cloth, etc, placed on the sandwich panel during curing).  
The easiest way to produce a sandwich panel with prepreg faces is to cure the skins 
directly on the core and bond them to the core at the same time, the so-called one-shot 
curing. The pressure required to press the skin against the core is usually applied by a 
vacuum bag. When honeycomb core is used, the skin on the vacuum bag side is pushed 
into the cells by the vacuum bag and a wavy surface results [16, 17]. This is often called 
the telegraphic effect. This was shown to decrease the compressive strength of the 
sandwich and to favor local instabilities. The skin cured on the mould side is of better 
quality, but with irregular compaction due to the local pressure applied only under 
honeycomb cell walls and not in the center of the cells. Furthermore, as thin uncured 
skins have almost no compressive stiffness, lateral crushing of the honeycomb core due 
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to the applied pressure [13-15] has to be avoided by using a very stiff frame. This can be 
difficult when dealing with large panels with a curved shape. 
The optimal quality of the skins is reached by curing them separately under high 
pressure in an autoclave prior to bonding onto the core [31, 33]. Perfectly flat skins with 
low porosity can be obtained with this process. However, this process is only suitable 
for flat panels, but not for curved sandwich panels, which will require two different 
moulds for the two skins. Furthermore, the secondary bonding will require more 
adhesive, i.e. more weight, to reach a bonding strength similar to that obtained with 
one-shot processing where the resin of the prepreg can participate in the bonding. A 
further disadvantage of this method is that the skins have to be manipulated after curing 
to bond them onto the core, which can be very difficult with large thin skins, especially 
if internal stresses deform the skin after curing. This process also precludes using 
combo prepregs, i.e. with the adhesive already deposited on the prepreg, so that 
adhesive films have to be used. This can be time consuming on large parts, especially 
with light adhesive films difficult to manipulate. 
A compromise between these two processes is to bond the core to the skin on the tool 
side by co-curing, and to bond the second skin also on the tool side by a second co-
curing. This is simple for flat panels which have simply to be turned down on the 
mould, but will necessitate two moulds for curved panels. 
The curing cycle influences resin viscosity during curing and so changes the resin flow. 
Grove [100] showed that the curing temperature and cycle can influence the bonding of 
the skin. So the different curing cycles recommended by the adhesive manufacturer can 
give different qualities. 
The consumables used during curing can also affect the sandwich quality. To be able to 
drain air through the prepreg to obtain a vacuum in the honeycomb cells [115] (in the 
case of a non-perforated honeycomb), the classic method is to put a peel ply, perforated 
non-adhesive film, and then a breather cloth on the surface. During curing, part of the 
prepreg resin may flow into the peel ply, thereby reducing the quality of the skin. The 
use of a non-perforated film on the surface solves this problem, but prevents good air 
circulation and the formation of a good vacuum in the cells. A compromise has then to 
be found to obtain sufficient vacuum without sucking too much resin out of the skin 
prepreg. 
Finally, the process pressure also exerts a significant influence on the mechanical 
properties on the sandwich panel. High pressure causes a telegraphic effect and then 
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reduces the compressive strength of the skin [17], while a too low pressure may lead to 
bad skin quality. The optimal process pressure has thus also to be calculated in order to 
attain the highest strength of the panel. 
2.1.10. Conclusions 
Sandwich structures are widely used in applications requiring lightweight and stiffness. 
The various failure modes have been intensively studied and have been shown to be 
highly interactive. Therefore the constituents cannot be optimized individually, but the 
sandwich structure has to be considered as a whole. To this end, optimization 
procedures have been developed taking into account most of the failure modes. 
However, no failure criteria are available for skin-to-core bonding design, especially for 
very light sandwich structures.  
Core-to-skin bonding has been mainly studied by measuring the debonding energy with 
various core and skin designs, and many test methods have been developed to this end. 
In the case of a honeycomb core, it has been shown that the adhesive menisci forming 
between the core cell wall and the skin control core-to-skin bonding, and are most 
efficient when their size is large and their shape regular. The debonding energy 
measured with specific tests can be used for the prediction of strength of structures with 
preliminary core /skin debonding, but often requires FEM to know the stress state in the 
debonding area. 
 
Many processes for making sandwich structures have been developed. Vacuum bag 
curing has been widely used and studied. It has been shown that the pressure can cause 
a surface waviness on the skin on the vacuum bag side when honeycomb core is used, 
thus decreasing the strength of the panel. However, little attention has been paid to the 
manufacture of ultra-light sandwich structures. 
 
 
2.2. Solar cells mechanical analysis and encapsulation 
2.2.1. Introduction 
For high-tech applications requiring high efficiency (defined as the ratio between the 
electrical output energy of the cell and the incoming solar energy, i.e. the energy of the 
 State of the art 
 60  
photons coming on the cell), the solar cells used are either silicon solar cells which can 
reach an efficiency of 24 % [116-119] or multi junction solar cells with gallium arsenide 
(GaAs) and/or gallium indium phosphide (GaInP) junctions with an efficiency higher 
than 30 % [120]. In term of efficiency, the selection of multi junction solar cells is 
advantageous, but for large surfaces as for solar gliders [10, 121], the very high price of 
multi-junction cells is a limiting factor. Nowadays, therefore, the mono-crystalline 
silicon solar cells represent the best compromise for efficiency, weight, and cost for 
high-tech applications over large surfaces [122, 123].  
Silicon is not only used for solar cells. It is in fact the basic material of the 
microelectronic industry for its semiconductor properties. It is also more and more used 
for Micro-Electro-Mechanical Systems (MEMS). A good knowledge of the mechanical 
properties of silicon is of primary importance in improving the reliability, and especially 
the process yield, i.e. avoid breaking the wafer (thin plates of silicon in the range of 100 
to 500 μm thickness) during manipulation. For this reason, silicon failure properties 
have been already studied extensively, but particularly at the size-level of the MEMS 
(μm size order). Studies of mechanical behavior of complete wafers such as those used 
in solar cells technology are less common. In fact, most of solar panel producers avoid 
exposing wafers to the hazards of mechanical loading by gluing the wafer directly onto 
a glass substrate. This stiff substrate prevents deformations and stresses on the wafer. 
Therefore, only a limited amount of literature is available dealing with testing complete 
silicon solar cells in order to identify the mechanical properties. 
 
2.2.2. Silicon for solar cell applications 
Solar cell technology uses silicon in three possible forms: single crystal, semi-
crystalline and amorphous [116, 117, 124, 125].  
In single-crystal silicon, the molecular structure (the arrangement of atoms in the 
material) is uniform, because the entire structure is grown from the same crystal. This 
uniformity is ideal for transferring electrons efficiently through the material. Single-
crystal silicon therefore enables the most efficient solar cells to be constructed with this 
material, and the following sections will concentrate on this type. 
Semi-crystalline silicon, in contrast, consists of several smaller crystals or grains, which 
introduce boundaries. These boundaries impede the flow of electrons and encourage 
them to recombine with holes (place left by lacking electron on atoms) and thus reduces 
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the power output of the solar cell. However, semi-crystalline silicon is much less 
expensive to produce than single-crystalline silicon. So researchers are working on other 
ways to minimize the effects of grain boundaries. 
Amorphous solids, such as common glass, are materials whose atoms are not arranged 
in any particular order. They don't form crystalline structures at all, and they contain 
large numbers of structural and bonding defects. However, they have some economic 
advantages over other materials that make them attractive for use in solar electric or 
photovoltaic (PV) systems. 
 
To create silicon in a single-crystal state, high-purity silicon has first to be molten. It is 
then solidified very slowly in contact with a single crystal "seed." The silicon adapts to 
the pattern of the single-crystal seed as it cools and gradually solidifies. One can say 
that this process is "growing" a new rod of single-crystal silicon out of molten silicon. 
Several different processes can be used to grow a rod of single-crystal silicon. The most 
established and dependable processes are the Czochralski (Cz) method and the float-
zone (FZ) technique. In the Czochralski process, a seed crystal is dipped into a crucible 
of molten silicon and withdrawn slowly, pulling a cylindrical single crystal as the 
silicon crystallizes on the seed. In the float-zone process, a silicon rod is set atop a seed 
crystal and then lowered through an electromagnetic coil. The coil's magnetic field 
induces an electric field in the rod, heating and melting the interface between the rod 
and the seed. Single-crystal silicon forms at the interface, growing upward as the coils 
are slowly raised. The float-zone process produces purer crystals than the Czochralski 
method, because they are not contaminated by the crucible used in growing Czochralski 
crystals. 
Once the single-crystal rods are produced, by either the Cz or FZ method, they must be 
sliced or sawn to form thin wafers. Such sawing, however, wastes as much as 20% of 
the valuable silicon as sawdust.  
The resulting thin wafers are then doped in order to produce the necessary electric field. 
In fact, in a crystalline silicon cell, p-type silicon contacts n-type silicon to create the 
built-in electrical field. P-type silicon is silicon with a lack of electrons (p = positive), 
and n-type silicon is silicon with to many electrons (n = negative). 
The process of doping, which creates these materials, introduces an atom of another 
element into the silicon crystal to alter its electrical properties. The "dopant," which is 
the introduced element, has either three or five valence electrons (which is one less or 
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one more that silicon's four). Phosphorus (five valence electrons) and boron (3 valence 
electrons) are the most often used dopants. Doping also slightly changes molecular 
structure, replacing some silicon atoms by others, a fact that should be taken into 
account in mechanical analysis. 
The wafers are then treated with a coating to reduce reflection [126, 127] (for example 
with a thin layer of silicon or titanium oxide). A second technique is texturing the top 
surface [128-132]. Selective chemical etching for mono-crystalline cells or mechanical 
texturing for polycrystalline ones creates a pattern of inverted cones or pyramids, which 
capture light rays that might otherwise be reflected away from the cell.  
The wafers are then coated with electrical contacts to form functioning PV cells. 
2.2.3. Elastic properties 
Single crystalline silicon has anisotropic mechanical properties. As the Young’s 
modulus depends on the crystalline orientation, it is difficult to measure accurate values, 
and therefore the values vary according to different sources [133-135]. Well accepted 
values are those measured in [133] given in Table 2-1. 
Table 2-1: single crystal silicon Young's modulus 
Direction <100> <110> <111> Mean value 
Young’s modulus (GPa) 130.2 168.9 187.5 162.2 
These high values of elastic modulus potentially make silicon suitable for mechanical 
application where high stiffness is required. 
2.2.4. Mechanical strength 
The mechanical strength of silicon is difficult to measure because the strength of a test 
probe is highly dependant on surface defects [135-140]. However, measurements of the 
intrinsic strength of silicon showed very high values. The tensile yield strength of 
silicon single crystals was measured at 6.9 GPa [134], which is at least 3 times higher 
than stainless steel. But the primary difference is that silicon yields by fracturing (at 
room temperature) while metals usually yield by deforming plastically. Therefore the 
intrinsic strength is almost never reached on a silicon part since it breaks (brittle 
fracture) at lower stress because of stress concentrations at defects. It is therefore of 
primary importance to reduce surface defects to get good mechanical strength for silicon 
parts. Mechanical processing such as sawing, grinding and polishing, which introduce 
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surface defects, have to be avoided, or followed by further surface treatment such as 
chemical etching in order to remove the highly damaged regions. 
The influence of defect size on the fracture strength of a silicon part is easy to 
understand by knowing the toughness value compared to that of other materials as 
summarized in Table 2-2. The fracture stress for a given surface defect size can be 
calculated as  
 
1/ 2[1.12( ) ]ICK aσ π=  (2.63) 
where a corresponds to the depth of vertical cracks at the surface of the material [141]. 
It means that for a given stress state, a steel surface will fail with a surface defect 
10’000 times larger than on a silicon plate (the steel will thus fail by yielding before it 
fractures).  
Table 2-2: toughness of different materials 
 Toughness (KIC) (MPa m1/2) 
Single crystal silicon 0.9  [137, 142] 
Windows glass  0.7-0.8 
High strength steel 50-150 
 
The effects of surface damage size on the fracture strength of silicon are well described 
by Ericson and  Schweitz [137]. They showed the influence of diamond polishing of a 
silicon wafer on its fracture strength. They used diamond paste of three different grades 
(0.25, 1 and 3 μm) and also studied the effect of thermal oxidation. They measured 
strength almost as high as intrinsic strength. They were able to do this because of the 
small size of the cantilever beam tested (197  μm long and 17 μm thick) and the careful 
preparation and etching of the samples, removing almost all surface defects. They 
observed that the average fracture strengths diminished by 33%, 54% and 75% 
respectively for the three paste grades as reported in Table 2-3. Thermal oxidation of the 
polished silicon surface not only restored the original fracture strength, but actually 
resulted in fracture strength 15%-20% higher than the original. It was thought that most 
of the polishing damage on the silicon surfaces became incorporated in the oxide layer 
and that this oxide layer acted as a strengthening agent. 
The calculation of the surface defect size a corresponding to the failure stress can be 
made with equation (2.63). It shows that defects of size in the order of 10 nm have 
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already a significant influence on the strength. It explains why mechanical processing as 
sawing, grinding, etc, which introduce defects greater than this size should be avoided. 
Table 2-3: fracture strength characteristics measured by Ericson and Schweitz [137]. σ = fracture 
stress, m = Weibull modulus, a = depth of initiating surface cracks 
 
 Polished 0.25μm Pol. 1 μm Polished 3 μm 
 Reference  + oxidized   + oxidized 
σ (GPa) 6.1 4.1 7.2 2.8 1.5 7.0 
m  10.1 6.3 32.4 8.0 9.1 6.7 
a (nm) 6 12 (4) 26 91 (4) 
 
For such a fracture type, it is interesting to use the Weibull failure probability 
distribution function [137]. For a body exposed to a stress field σ, the probability of 
failure is  
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 (2.64) 
where 
V  = the volume of the stressed body 
σu  =  a lower stress limit which is usually equal to zero in brittle 
materials (N/mm2) 
σ0  =  a parameter related to the average fracture stress (N/mm2) 
m  =  the Weibull modulus, a measure of the statistical scatter 
displayed by fracture events 
 
For simple geometry, it can be simplified into the two-parameter Weibull probability 
function [143] 
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 (2.65) 
The higher the Weibull modulus m, the smaller the spread of failure stress. The 
prediction of failure stress for materials with high m values is thus more reliable than 
for those with small m values. 
When the failure stress of several samples is measured, the Weibull modulus m can be 
calculated. Equation (2.65) can be written 
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By drawing the ln-ln plot, m is given by the slope of the curve. However, to obtain an 
accurate value for m, testing of many samples is necessary. To obtain an uncertainty of 
±10 %, more than 120 samples are needed [143]. 
The measurements of Ericson and Schweitz showed that polishing slightly diminished 
the Weibull modulus m (Table 2-3), therefore increasing the spread in fracture strength.  
 
Wang et al. [139] and Wilson and Beck [140] also showed the importance of defect size 
by comparing surface treatment (grinding, polishing, etc). They also studied the 
influence of crystal orientation on strength. They showed that the <111>-type fracture 
was the most frequent one. It was expected because the <111> planes of silicon, a 
diamond cubic structure, have the lowest surface energy to overcome as the crack 
propagates. 
 
As already mentioned, one way to reduce surface defects is to etch the surface. Yi et al. 
[135]  evaluated the strength of tensile test samples treated with different etchants. Due 
to the anisotropic structure of single crystal silicon, there was a directional etching by 
anisotropic etchants such as KOH. This caused the formation of “steps” with sharp 
corners in place of a smooth surface, resulting in low strength. Chemical etching should 
then be used carefully so as not to create further stress concentrations on the surface. 
Similarly, Stefancich et al. [138] measured the effect of two different etching techniques 
on the strength of a silicon wafer with bending tests of clamped cantilever. Using 
alkaline etching, which creates a pyramidal textured surface due to the anisotropic 
etching, they obtained 150 % increase of the surface stress at failure compared to the “as 
cut” wafer. Using acidic etching which creates a smooth surface, the increase was 
250 %. Table 2-4 summarizes their results. The stresses measured were still far from the 
intrinsic strength of honeycomb, showing that critical defects still remained on the 
sample surface or sides. The Weibull modulus showed, however, a higher dispersion of 
the measured values for the etched samples. The difference between the two etching 
process also showed that the texture of the surface diminished the stress at failure.  
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Table 2-4: Maximum stresses and Weibull modulus measured in bending with different surface 
preparations (from [138]) 
Samples Maximum stress (MPa) Weibull modulus 
As sawn wafers 145 8.8 
Alkaline etched 212 5.7 
Acidic etched 338 5.4 
 
Many studies have been dedicated to the effect of surface defects and surface treatments 
only, but the edges of the silicon parts are also likely to have micro-cracks and cause 
failure. Schoenfelder et al. [144] studied three different dicing techniques: sawing, 
dicing by chemical thinning with sawn groves and dicing by chemical thinning with 
dry-etched trenches. Using 3-point bending tests, they found that the sawing process 
induced edges with defects causing premature failure. The maximum stresses at failure 
could be increased by 500% with the third dicing process. The surface treatments have 
thus to be accompanied by edge treatments to really improve the strength of the silicon 
wafers. 
2.2.5. Solar cells mechanical testing 
As the strength of a silicon part is dependant on the presence, or not, of surface defects, 
it is necessary to test the solar cell itself to know its strength. Behnken et al. [142] 
described different testing configurations for a square 100 x 100 mm2 wafer to assess 
the wafer strength. Some of them are illustrated in Figure 2-15: 
• Point bending: the force is introduced at the center of the wafer top side; the 
three supports are positioned at the bottom side on a circle of radius 40mm. 
• Biaxial point bending: the wafer is supported by a ring of radius 40 mm and the 
force acts at the wafer center. 
• Double ring bending: the wafer is supported by a ring of radius 40 mm and the 
force is transmitted by a ring of half diameter. 
• 3-line bending: the sample is supported by two parallel lines with distance d=80 
mm. The force is applied by a third line centered between the supports. 
• 4-line bending: the sample is supported by two parallel lines with distance d=80 
mm. The force is applied by two parallel lines with distance 40mm centered 
between the supports. 
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• Twist test bending: the wafer is supported by two points on the wafer diagonal 
with 22 mm, 10 mm or 2 mm perpendicular distance to the wafer edges. The 
forces act on the other diagonal on the top side. 
 
 
  
Figure 2-15: different wafer-testing configurations: 3-line bending, 4-line bending, double ring 
bending, and twist bending. 
Point bending, biaxial point bending and double ring bending are efficient for testing the 
strength of the wafer without the edge effects, because the stresses are essentially 
concentrated at the center of the wafer. It is, however, difficult to correlate the failure 
loads with the failure stresses since the stresses distribution in the wafer is quite 
complicated and requires numerical analysis to be described accurately. 
3-line, 4-line, and twist bending include the effect of the edges on the strength of the 
wafer. This is important in order to ascertain the real strength of the wafer, since crack 
growth often begins at edge flaws induced during sawing or laser cutting. 3-line bending 
produces a rather local loading of the edge and is therefore useful when studying local 
damage of the wafer edge, whereas 4-line bending enables extended sections of the 
edges to be tested. In both tests wafer anisotropy can be taken into account by testing 
the wafer in two different directions. Twist bending tests all wafer edges more or less 
simultaneously. It is useful for comparing the strength of different wafers, but it is 
difficult to correlate the failure load to the stresses, since the stress distribution is 
complicated. 
 
Kray et al. [145] tested wafers of thickness from 70 μm to 500 μm to analyze the 
relation between thickness and strength, using the 4-line bending test. They observed 
that the breakage force increased monotonically with the thickness, but with an 
exponent of 1.66 as illustrated in Figure 2-16. If the surface stresses at failure were the 
same for the different thicknesses, the exponent would be 2. Surface stresses at failure 
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were in fact smaller with thicker wafers. Supplementary fine polishing of the thin 
wafers removed some critical surface defects introduced by sawing, and explains the 
highest stresses at failure. 
Similarly, the minimum radius of curvature of the wafer before cracking varied 
proportionally to W0.73 (W is the wafer thickness), whereas it should be linear if the 
surface stresses at failure were the same for the various thickness. 
These two curves show that it is advantageous to reduce the wafer thickness and thereby 
to remove surface defects to increase wafer flexibility, and increase the surface stress at 
failure. 
 
Figure 2-16: measured breaking force and minimum radius before cracking as a function of wafer 
thickness. Stars represent measurements of Kröninger [146] (figure from [145]) 
Using the twist bending test Schneider et al. [147] also measured an increase of wafer 
failure load with thickness with an exponent 1.85, which showed a slight increase of 
surface strength when the thickness was decreased. They also observed that alkaline 
etching improved the load at failure of the wafers by up to 30-50%. 
Münzer et al. [148] studied the mechanical strength of wafers with different thicknesses 
and different surface texturations. The surface texturation was made of small pyramids 
(2-20μm) that covered the surface and thus improved the light trapping effect, 
especially at low incidence angles. 
They therefore used the point bending test, which enabled the strength of the wafer to be 
measured with limited influence of the edges of the wafer. They also found a decrease 
in failure load and an increase in flexural deformation by reducing thickness. But they 
observed an even more pronounced dependence on the wafer surface preparation than 
on the wafer thickness. Figure 2-17 illustrates the failure load as a function of wafer 
thickness for different surface treatments. The highest fracture force was measured on a 
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damage-etched wafer which presented a near “flaw-free” surface. The breaking force of 
textured wafers was significantly smaller. Texturation with the biggest pyramids had the 
most severe effect on the breaking force. Wafers with texturation on both sides had the 
lowest breaking force, but wafers with only texturation downside (side in tension) had 
nearly the same breaking force, while those textured only upside had almost twice as 
high breaking force. This means, as expected, that it was the side under tension which 
was critical for breaking and that the texturation created sufficient stress concentrations 
to decrease the strength of the cell. 
 
Figure 2-17: fracture force of silicon wafers with different surface preparations as a function of the 
wafer thickness (figure from [148]) 
Schneider et al. [149] studied the effect of the different fabrication steps on the wafer 
breaking force in twist bending tests. The process revealed several noticeable points. 
Firstly, they achieved about 10% strength increase by etching the wafer. Optimal 
etching depth was investigated [149, 150] and was located at about 15 μm. Less depth 
was not enough to remove sawing defects, greater depth caused step formation due to 
different crystallographic orientation in different grains (polycrystalline wafers were 
studied). 
Secondly, edge isolation by sawing reduced the breaking force by about 20%. Edge 
analysis by SEM after sawing showed that sawing introduced notches on the edge, 
which favored crack growth. Finally, screen printing and contact firing process 
(deposition and fixation of the electric grid) yielded a 30 % strength reduction of the 
wafer. All these different parameters thus contribute to the low strength of solar cells in 
comparison to intrinsic strength of silicon. 
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2.2.6.  Ultra-light encapsulation of solar cells 
Silicon solar cells need to be encapsulated to obtain a protection against environmental 
attacks (moisture [151], dust, etc.) and to ensure sufficient mechanical support to avoid 
breaking. In most cases, a glass protection is used. Glass has many advantages: it is 
highly optically transparent in useful wavelengths, UV stable, it is a moisture barrier 
and is very stiff, which provides high mechanical stability and protection to the brittle 
silicon solar cells. But glass has to be thick enough to have sufficient strength and then 
becomes too heavy for applications requiring lightweight panels. 
To obtain a lightweight encapsulation, thin polymeric materials should be used. As this 
ultra-light encapsulation is dedicated to very specific applications, such as solar planes, 
or racing solar cars, only a limited amount of literature is available on this topic.  
 
Nowlan et al. [123] studied different combinations of cover films and encapsulants for 
photovoltaic modules on unmanned aerial vehicles (UAV). They used ethylene vinyl 
acetate (EVA) and silicone transfer adhesive as encapsulant, both of them in the form of 
50 μm thick film. The tested cover films were 23μm thick DuPont Tefzel®, and 25μm 
thick DuPont Tedlar® with UV-screening additive. They developed a fabrication 
method to achieve the required quality. The cover film was pre-laminated on the 
encapsulant film to form a void-free and wrinkle-free film. Then it was assembled onto 
the solar cells by vacuum laminating. Further planned environmental tests have not yet 
been reported. 
 
Snowdon et al. [152] investigated different material combinations to encapsulate the 
solar array of Sunswift II. They also tested EVA and silicone as encapsulants. The main 
problem with silicone was to remove bubbles from the silicone when working out of 
vacuum. EVA film was therefore used to encapsulate the cells. A disadvantage with 
EVA was the needy for heating (~100°C) during lamination as this caused small 
wrinkles in the polycarbonate cover film due to the CTE mismatch between the 
constituents. 
They also attempted to use Teflon® or Tefzel® as cover film. But they were not able to 
produce wrinkle-free surfaces with very thin films. They finally used 0.38mm thick 
polycarbonate sheets. With this cover, the optical losses were about 4%. 
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Both sides of the cells were encapsulated in this way in order to obtain a symmetric 
structure, thus avoiding bending with temperature variations. It was then fixed on a 
carbon fiber structural substrate. 
 
The company Photon Technologies proposed 3 different solutions for ultralight 
polymeric encapsulation. An EVA encapsulant with Tefzel® cover film may be used. 
The principal problem, as noted above, is the need to use heat-laminating, inducing 
internal stresses due to the CTE mismatch. To allow room-temperature laminating, two-
part silicone may be used instead of EVA. Conformal coating encapsulation (for 
example Dow Corning 1-2577) offer “self-washing” surface and thus avoid using a 
cover film. 
 
Accelerated exposure tests conducted by Pern and Glick [153] under high UV exposure 
showed that EVA tended to turn yellow-brown, which reduced the optical transmission 
and the efficiency of the solar panel. On the other hand, solar cells encapsulated with 
silicone and a UV-transmitting film (like Tefzel®) did not have this yellowing problem. 
Discoloration of the EVA encapsulant has also been demonstrated by Klemchuk et al. 
[154]. 
2.2.7. Conclusions 
Mono-crystalline silicon presents high stiffness and high intrinsic strength, but very low 
toughness, making it highly sensitive to surface defects. Therefore the thin silicon 
wafers constituting the solar cells are very brittle and the surface requires very fine 
polishing and then chemical etching to remove as much as possible the defects created 
during wafer sawing. Attention has also to be paid to surface treatments and texturation 
in order to increase cell efficiency, as these can reduce the strength of the cells. 
The use of polymer film as a lightweight encapsulation has proved successful. However, 
careful selection of the materials regarding long-time environmental stability is 
necessary. The use of fluorinated films having good optical properties in association 
with silicone adhesive has been shown to be a durable choice. 
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CHAPTER 3. MATERIALS AND EXPERIMENTAL 
METHODS 
 
 
The behavior of new composite materials is often difficult to predict accurately. 
Particularly in the present study, the combination of sandwich structures with very thin 
skins and light cores with brittle silicon solar cells is completely new, and therefore the 
behavior unknown. The optimization of such structures thus requires a lot of 
experimental testing in order to characterize the structure manufactured, and then be 
able to model it. To this end, many different experimental methods were used. Some of 
these methods are common and are only briefly mentioned, others needed special 
adaptations and developments and are thus described in details in the present chapter. 
Also to avoid describing the materials used in every chapter, a description of the main 
materials composing the sandwich structures studied, and their properties is given. 
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3.1. Materials 
3.1.1. Honeycomb core 
The core used for the sandwich construction was a 29 kg/m3 Nomex® hexagonal 
honeycomb of aerospace grade with a 3.2 mm cell size (distance between two parallel 
cell walls) and 8 mm thickness. In the first part of the study, concerning the core-to-skin 
bonding analysis, a core from Hexcel was used, while for all the sandwich panels tested 
in bending, the core came from Euro-composite. The two different types were used for 
availability reasons. The properties of the two cores are, however, very similar and are 
listed in Table 3-1 and Table 3-2. The data are taken from the suppliers datasheets. The 
modulus of the honeycomb from Euro-composite was not available and was therefore 
measured by compressing 50 x 50 mm2 samples between two plates. 
Table 3-1: mechanical properties of the Nomex® honeycomb core from Hexcel. Under compression, 
the bare value corresponds to testing of honeycomb with simply supported boundary conditions for 
cell walls, while the stabilized value corresponds to clamped boundary conditions, i.e. with 
honeycomb bonded to loading plates 
Compression [MPa] Shear [MPa] 
Bare Stabilized Ribbon direction Perpendicular to ribbon 
Strength Strength Modulus Strength Modulus Strength Modulus 
min 
0.59 
typ 
0.72 
min 
0.66 
typ 
0.79 
typ 
55 
min 
0.52 
typ 
0.62 
typ 
26.21 
min 
0.28 
typ 
0.34 
typ 
10.34 
 
Table 3-2: mechanical properties of the Nomex® honeycomb core from Euro-Composite. 
Compression [MPa] Shear [MPa] 
Bare Ribbon direction Perpendicular to ribbon 
Strength Modulus Strength Modulus Strength Modulus 
min 
0.54 
typ 
0.8 
 
50 
min 
0.52 
typ 
0.62 
min 
22 
typ 
27 
min 
0.28 
typ 
0.38 
min 
12 
typ 
16 
 
3.1.2. Skin material 
The skins of the sandwich were made of carbon fibre prepregs. Two different prepregs 
were used. Carbon fibres were chosen because they offer the best strength and stiffness-
to-weight ratio. The use of prepregs ensures a high fiber-to-resin fraction and enables 
the quantity of resin in the skin to be controlled accurately, thereby achieving high 
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quality and good reproducibility of the results. In the first part of the study concerning 
core-to-skin bonding analysis, a unidirectional (UD) prepreg with 200 g/m2 T700 fibres 
from Toray, and 34%wt VTM 264 epoxy matrix from Advanced Composite Group 
(ACG) was used. This resin could be cured with temperatures ranging from 60 to 
130°C. This prepreg was chosen because the matrix resin offers good compatibility with 
VTA 260 adhesive from the same producer. 
In the second part of the study concerning the bending strength of sandwich structures, a 
thinner prepreg was chosen. It was made of 70 g/m2 UD high strength carbon fibers and 
35%wt EH84 epoxy matrix from Hexcel. This resin could be cured with temperatures 
ranging from 100 to 140°C. The mechanical properties given by the supplier are 
displayed in Table 3-3. 
Table 3-3: mechanical properties of the UD prepreg used for bending tests samples. The nominal 
fiber volume is 56%, the thickness after polymerization 0.07mm 
Loading direction 0° (parallel) 90° (perpendicular) 
Tensile modulus 120 GPa 8.5 GPa 
Compressive modulus 100 GPa 8.5 GPa 
Tensile strength  1700 MPa - 
Compressive strength 1500 MPa - 
Compressive strain  1.5 %  
Shear modulus 5.4 GPa 5.4 GPa 
Poisson’s coefficient 0.33 0.33 
3.1.3. Adhesive  
The adhesive used for skin-to-core bonding was mainly the rubber-toughened epoxy 
resin VTA 260 from ACG. This adhesive can be cured at temperatures ranging from 65 
to 120°C. The adhesive was available as film weighing 50, 150 or 300 g/m2. Some trials 
where also made using EH 84 resin as an adhesive or a 150 g/m2 Redux 382H adhesive 
film from Hexcel. 
3.1.4. Solar cells 
The cells used in this project were high efficiency monocrystalline silicon solar cells. 
The main solar cells tested were the S32 model from RWE Space Solar Power GmbH 
(now AzurSpace Power GmbH) which have 16.9% efficiency. Figure 3-1 shows one 
solar cell of this type. These cells are 130 +/-10 μm thick. The dimensions are 74 x 31.9 
mm. The edges of the cell correspond to [100] and [010] directions in silicon crystal. 
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The active face of the cell has an inverted pyramid surface texturation as depicted in 
Figure 3-2 to increase light absorption, especially for light rays with low incidence 
angle. The second type of cells used for mechanical testing only was RWE  2PR/200-
6540. The dimensions are 65 x 40 mm2 with a thickness of 200 +/- 40 μm. This type of 
cell does not have any surface texturation. The efficiency is 13.6%. Both types of cells 
have a 3-11 μm thick silver layer on the back surface acting as a current collector. 
 
Figure 3-1: RWE S32 monocrystalline silicon solar cell with three Ag electrical connectors 
 
Figure 3-2: Detailed view of the surface texturation of the solar cell from a broken part of the cell. 
The image on the right is a top view taken by scanning electronic microscopy (SEM). The square 
bases of the inverted pyramids are clearly visible. On the left, a cross-section of the same cell along 
the texture shows the saw teeth created by the texture. 
3.1.5. Silicone encapsulant 
For the encapsulation of solar cells, a silicon adhesive was mainly used to glue 
encapsulation film onto the solar cell. The silicone Sylgard 184 from Dow Corning 
(DC) with service temperatures ranging from -45 to 200°C was used. It can be cured at 
room temperature or up to 150°C. The corresponding primer DC 1200 was applied by 
wiping on the cell and the encapsulation film. 
3.1.6. Encapsulation film 
A fluoropolymer (confidential grade) from Solvay-Solexis was used for the 
encapsulation of solar cells. Films with thicknesses between 30 and 70 μm were used. 
Some experimental trials were also made with 12 μm thick PET films coated with SiO2. 
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3.2. Experimental methods 
3.2.1. Adhesive deposition on honeycomb 
For the optimization of the sandwich structures developed here, the influence of the 
adhesive layer used for skin-to-honeycomb core bonding was particularly studied. As 
the commercial adhesive films offer only a few different areal weights (typically, 
150 g/m2, 300 g/m2 and heavier), a method was developed allowing free choice of the 
amount of adhesive from around 0 g/m2 to 100 g/m2 (which is already heavy for the 
ultra light structures studied). Figure 3-3 illustrates the method used for controlling the 
amount of adhesive for skin-to-core bonding. A paper coated with a thin layer of heat-
curable epoxy was placed onto the honeycomb and maintained under slight pressure by 
means of a steel block. The assembly was subsequently put in a temperature-controlled 
oven (between 45 and 70°C) for few minutes (0.5-15 minutes), long enough to allow a 
drop in resin viscosity, but short enough to avoid polymerization of the resin system. 
The paper was then removed immediately after taking the plate out of the oven, leaving 
an adhesive quantity on the honeycomb directly dependent on the time and temperature 
in the oven. This method was tested with 150 g/m2 and 300 g/m2 VTA 260 adhesive 
films from ACG, and also with 86 g/m2 EH84 resin system from Hexcel. 
 
 
Figure 3-3: Adhesive deposition method. The steel block was used to press the adhesive onto the 
honeycomb. After removing the paper, a thin controlled adhesive layer stayed on the honeycomb. 
By varying time and temperature in the oven, an adhesive weight ranging from 8 to 80 
g/m2 was obtained on honeycomb as depicted on Figure 3-4 and Figure 3-5. The type 
In oven, 45-70°C, 
0.5-15 min 
Epoxy on honeycomb 
8-80 g/m2 
Steel 
block  
Paper with 
epoxy on 
bottom face 
Nomex® 
honeycomb 
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and viscosity of the adhesive, as well as the type of transfer paper on the film were 
crucial factors determining the quantity of adhesive transferring onto honeycomb. These 
results enabled an accurate choice to be made concerning the quantity of adhesive 
required for skin-to-core bonding; this is of great interest in studying resin meniscus 
shape as a function of adhesive weight. This method is not limited to the specific core 
and adhesives used in this study, but can be adapted to any other adhesive presenting 
viscosity drop with temperature. The temperature in the oven should be high enough to 
allow a viscosity drop, and the time should be short in comparison to the curing time to 
avoid crosslinking of the resin. As a guideline, the temperature used should be close to 
the curing temperature of the adhesive when it is cured for about 10 hours. 
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Figure 3-4: Adhesive weight laid on honeycomb with 86 g/m2 EH84 adhesive film 
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Figure 3-5: Adhesive weight deposited on honeycomb with ACG VTA 260 adhesive films 
Another advantage of this method is that the adhesive is laid directly on top of the cell 
walls where the resin fillets form during bonding. No excess adhesive is used, (i.e. there 
was none on the skins in the centre of honeycomb cells), thereby allowing weight-
saving without decreasing bonding capability. This method is therefore well suited and 
accurate to produce ultra-light sandwich panels, and could be adapted to automatically 
deposit adhesive on large panels (for example with adhesive passing on heated rolls 
pressing the film onto the honeycomb). 
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3.2.2. Optical microscopy 
In order to understand the relation between the microstructure of the sandwich panels 
(particularly the adhesive menisci) and the mechanical properties measured on the 
panel, the microstructure was observed under optical microscope. Cross-sections of the 
sandwich panels were prepared in order to investigate the morphology of the adhesive 
menisci. Samples were cut from the sandwich panels, and the honeycomb was cut 
between the two skins, so that the honeycomb cells could be filled with embedding 
resin. Figure 3-6 shows a sandwich sample and the corresponding embedded cross-
sections. The samples were fixed in acrylic resin Durofix-2 from Struers. The embedded 
samples were then polished with SiC paper with the following sequence: polishing to 
observation plan with grade 220, then 30 seconds with grades 500, 1000, 2400, and 
finally 4000. The depth of polishing was carefully controlled, so that the cross-section 
was in a zone perpendicular to the hexagonal cell wall as depicted in Figure 3-6. The 
cross-sections were then observed using an optical microscope Olympus BX-61 with 
motorized stage, allowing automatic surface scanning and reconstruction of large size 
pictures. The observation was done under bright field illumination with a magnification 
50 to 500x. 
   
Figure 3-6: (left) preparation and embedding of the sandwich cross-sections. The samples are 
polished up to selected observation plan (designated with the arrows on the right) for microscopic 
observation of menisci perpendicularly to honeycomb cell walls. 
3.2.3. Flatwise tensile test 
This test was used to measure the core-to-skin bonding strength. It was carried out 
following ASTM standards [59]. 50 x 50 mm2 sandwich samples were glued between 
two 50 x 50 x 50 mm3 aluminium blocks and loaded in a self-aligning set-up in the 
tensile machine with a speed of 0.5 mm/min. The load and tensile machine crosshead 
displacements were recorded during the test. 
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3.2.4. Climbing drum peel test 
This test was used to measure the core-to-skin debonding energy. It was achieved 
following ASTM standards [86]. The drum had an inner radius of 50 mm (rolling radius 
of the peeled skin) and an outer radius of 65mm (rolling radius of the loading tapes). 
The set-up designed and built for the present investigation was placed in the UTS tensile 
machine and loaded with a speed of 25 mm/min. 
3.2.5. Four-point bending test on the sandwich beams 
This test was used to assess strength and stiffness of the sandwich beams. ASTM 
standards [58] were used as guidelines. The set-up used was not self-aligning, i.e. the 
two loading points could not rotate relative to the two supporting points. Therefore, the 
parallelism of the loading points and supporting points was carefully verified, so that the 
load introduced was the same at each point. The set-up was fixed in the UTS tensile 
machine and the loading speed was 15 mm/min. The dimensions of the samples 
depended on the size of the panels produced. The span between supporting points was 
as long as possible (depending on sample size) to maximize the moment in the center of 
the beam, and reduce the risk of core shear failure or skin indentation under the loading 
points.  Furthermore, small carbon plates of 18mm width and 1.5 mm thickness were 
placed under the 8 mm diameter loading pins to avoid local indentation.  
3.2.6. Compression test of sandwich beams 
This test was used to load sandwich beams under pure compression, parallel to the 
length of the beam. The main problem of this test was to introduce the loads in the 
sample without breaking the ends of the sample. Therefore, the samples were fixed in 
embedding acrylic resin. Figure 3-7 shows a compression sample with embedded ends 
being tested. A perfect alignment of the two ends had also to be ensured in order to have 
equal loading in the skins [31]. To this end, the embedding was effected directly on the 
plates of the UTS testing machine. They were then loaded at 1mm/min up to failure. 
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Figure 3-7: Sandwich beam tested in compression with the two ends embedded in resin in order to 
introduce the load. 
3.2.7. Skin permeation measurements 
During one-shot vacuum bag curing, as the honeycomb cells are closed on both sides by 
the skins, the absolute pressure in the cell can be significantly higher than under the 
vacuum bag. In order to ascertain the evolution of the pressure in the honeycomb cells 
when vacuum is applied under the vacuum bag, a set-up developed by Bonjour et al. 
[155] and Sequeira Tavares et al. [115] was used. It is represented schematically in 
Figure 3-8. Honeycomb was placed in a tight box. The top of the box was closed with 
the prepreg and the different consumables. A vacuum bag was then placed on the 
different layers and sealed around the prepreg. The vacuum was applied under the 
vacuum bag and the pressure was measured on both sides of the prepreg skin. The set-
up could be put in the oven and the pressure monitored during resin curing. Changes in 
the pressure in the box under the prepreg corresponded to the pressure in the 
honeycomb cells during sandwich processing and were a function of the permeability of 
the prepregs and consumables. However, a main limitation of this system is that air can 
easily circulate from one honeycomb cell to another on the tool side. This is different 
from the one-shot curing of panels where the honeycomb is sealed on both sides by the 
skins. In fact, in the first case, a small leak through the skin will allow air to evacuate 
from all the cells, while in the second case, only the cell under the leak and few 
neighboring cells will be affected. 
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Figure 3-8: Experimental set-up for through-thickness air permeability measurements during 
curing in processing conditions 
3.2.8. 3-point bending of solar cells 
This test was used in order to determine solar cell strength. The initial span of 40 mm 
was reduced to 30 mm because the cells deformed too much without breaking. The 
support and loading pins were 8 mm in diameter and the loading speed was 15 mm/min. 
3.2.9. Tensile test of solar cells 
This test was used to determine the strength of the cells in tension. The major problem 
of this test was to introduce the force in the cell without breaking it too early. Therefore 
steel plates with a beveled edge were glued onto the cells. Figure 3-9 shows a broken 
cell with the steel plates glued onto it. The load was introduced in the plate with pins, 
allowing rotation and self aligning of the loaded cell, thus minimizing the edge effects 
on the solar cells. The loading rate was 0.2 mm/min. The cell was loaded until failure, 
and maximum load was recorded. As the strains were very small, they were not 
measured 
 
Figure 3-9: Solar cell broken in a tensile test. Steel plates are glued on each side to introduce the 
loads. Failure along the [111] plane is evident 
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3.3. New video-based crack length measurement method in 
cantilever beam tests  
It was observed during peeling of the skin of sandwich samples that the core could be 
torn when core/skin bonding was sufficiently strong. Therefore, in order to characterize 
the core, the tearing energy of the core was measured. As such measurements have not 
been described in the literature, a modified version of the double cantilever beam test 
(DCB) described in the ASTM standards [60] was used to measure the tearing energy in 
mode I. Figure 3-10 shows a schema of this test. The measurements were carried out 
with Nomex® honeycomb from Hexcel and Euro-Composite. The specimens were 
made of 8mm thick, 20 mm wide and 200 mm long honeycomb samples, cut with the 
ribbon direction parallel to the length direction of the sample. The honeycomb was 
glued between 2 layers of 2 mm thick glass fibers / epoxy composite. The adhesive film 
used was a 150 g/m2 ACG VTA 260 adhesive film. Two small aluminum blocks with a 
hole were glued onto the sample in order to introduce the load. A crack was initiated 
with a cutter in the middle of the honeycomb. The two arms were then pulled apart with 
a speed of 2 mm/min and the crack propagated in the honeycomb. The load and 
crosshead displacement were recorded during the test 
 
 
 
 
 
Figure 3-10: Schema of the DCB test specimen. The corrected crack length represents the distance 
from loading line to crack tip.
 
The critical point of this test was to measure crack length. In fact, as Nomex® 
honeycomb is tough, the honeycomb tore progressively and the crack tip could hardly 
be localized by visual observation. Therefore a new method based on video acquisition 
and analysis of the deformed sample was used to measure the crack and the results were 
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confirmed with the more classic but time consuming compliance calibration (CC) 
method [65, 66, 99]. 
 
The video-based crack length measurement allows continuous recording of the crack 
length during the test. To this end, a video camera takes pictures of the sample being 
tested. A black background was used in order to provide a good contrast with the peel 
arms. Figure 3-11 shows a typical picture taken during the test. The images were treated 
in real time by a NI Labview program. This measures the vertical distance between the 
two peel arms. A mean distance in the uncracked region was calculated and according 
to classic beam theory, a third order polynomial was fitted to the vertical distance 
measured in the cracked zone. The intersection between the third order polynomial of 
the cracked zone, and the mean of the uncracked zone, indicates the location of the 
crack tip. By preliminary calibration of the pixel size in the program, and by defining 
the loading line, the corrected crack length was calculated by the program. This 
corrected crack length, represented in Figure 3-10, was smaller than the real length of 
the cracked zone. But it was shown by Williams [63] that by using the corrected length, 
no correction factors are necessary for large displacement, as it corresponds to the true 
distance for the calculation of the moment at crack tip. This video-based crack length 
measurement method was only used to measure the tearing energy of honeycomb in the 
present study, but it can be used for every cantilever beam tests, as soon as the 
deformation of the peel arm is sufficient to make an accurate fit.  
 
Figure 3-11: image of the sample with the video camera. The program measures the vertical 
distance between the peel arms (red), makes a 3rd order polynomial fit in the cracked zone (cyan) 
and calculates a mean value in uncracked zone (orange). The intersection of the two fits shows the 
position of the crack tip. 
 
Y1 α x3 
Y2 = const. 
Y1 = Y2  ?  a 
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In the CC method, the relation between the compliance of the sample (ratio between 
loading point displacement and load) was measured with various controlled crack 
lengths prior to the test in order to identify the exact relation between compliance and 
crack length. To this end a crack of controlled length was cut in the honeycomb with a 
cutter. The tip of the crack was marked with a pen. The sample was loaded to the 
beginning of the crack propagation. The crosshead was stopped at that time and the 
corrected crack length between loading line and marked crack tip was measured. The 
slope of the load/deformation curve was measured and the compliance C was calculated 
for this crack length. This procedure was conducted for crack lengths between 40 and 
120 mm. Five measurements were made on each of the six samples. The function 
correlating the compliance and crack length was then determined. It has to be 
remembered that determining the compliance with controlled crack length was useful 
only to verify the measurements made with the video-based crack length acquisition. In 
fact, as the force, displacement, and crack length were acquired continuously using the 
video-based method, the compliance could be calculated for each crack length. 
 
Another solution to avoid measuring the compliance is to use an analytical model to 
predict compliance as a function of the properties of the materials constituting the 
sample. The basic idea is to consider that the two arms of the DCB sample are not 
perfectly clamped, but are laid on an elastic foundation. Figure 3-12 illustrates the 
loading case considered for elastic foundation model, which is similar to the Winkler 
model as described in [156], but specially adapted to the sandwich structure studied. 
 
Figure 3-12: basic scheme of a DCB arm on elastic foundation. At z = 0, the moment and the shear 
force is zero. 
The elastic foundation is considered as linear springs, so that the line load q(z) is  
 ( ) ( )q z k y z= − ⋅  (3.1) 
with 
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2
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c
E Bk
t
=  (3.2) 
where Eczt is the tensile modulus of honeycomb, and tc the thickness of the core. For 
equilibrium for 0 < z < za, we have  
 ( ) ( ) ( )
0
''
z
PD y z k z t y t dt⋅ = − ⋅ − ⋅∫  (3.3) 
where DP is the bending stiffness of the peel arm. The integral can be considered as a 
convolution product and Laplace Transform results in 
 ( ) ( ) ( )
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with 
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The inverse Laplace Transform then gives  
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The equilibrium conditions also give 
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where za is the length of the elastic foundation, i.e. the length of the uncracked part of 
the sample (see Figure 3-12). By solving the equations, the slope and displacement for 
z = 0 are 
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(3.8) 
With equations (3.8) and (3.6), the slope and displacement at z = za can be calculated. 
Then for za < z < za + a, classic beam theory gives 
 ( ) ( ) ( ) ( )( ) ( )2 31 '
2 3a a a a aP
Fy z a z z z z y z z z y z
D
⎛ ⎞
= − − − + − +⎜ ⎟⎝ ⎠  (3.9) 
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and finally the compliance can be calculated as  
 ( ) ( )ay a zC a
F
+
=  (3.10) 
For the numerical application, DP was measured using the 3-point bending test on a peel 
arm of a broken DCB sample. The Young’s modulus Eczt of the honeycomb was 
measured by pulling apart the honeycomb, as for the flatwise tensile test [59], and 
measuring the strain. 
 
Honeycomb is a cellular material, but the tearing energy per unit surface was calculated 
as for a continuous material, i.e. by dividing the dissipated energy by the unit surface of 
the core, and not by the effective cell wall material surface. Various methods can be 
used to calculate the strain energy release rate at crack propagation Gc. With classic 
beam theory for a perfectly clamped beam with end load, the compliance is 
 
3C Da
F
δ
= =  (3.11) 
where δ is the displacement of the loading point, D a coefficient depending on beam 
geometry and material, F the applied load and a the distance between loading line and 
clamped end. In the DCB test the end cannot be considered to be perfectly clamped, due 
to honeycomb elasticity, so that a correction has to be established. The compliance 
calibration method (CC) and the modified beam theory (MBT) are the most often used 
corrections methods [60].  
The compliance calibration method uses a correction factor considering that 
 
nC Da
F
δ
= =  (3.12) 
where n is fitted to the experimental results. Therefore, a graph representing log(C) as a 
function of log(a) is constructed and the slope directly gives n. The tearing energy Gc 
can then be directly calculated. 
With Griffith theory [141], the strain energy release rate for an infinitesimal increase in 
crack length da under constant displacement is 
 
.
1
const
dUG
B da δ =
= −  (3.13) 
where U is the total elastic strain energy in the test specimen and B the sample width. 
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More generally, for crack length increase with variation of force and displacement of 
loading point, following Irwin theory [141],  
 
1 dPG
B da
= −  (3.14) 
where dP is the potential energy variation during infinitesimal crack growth, defined as 
 dP dU dW= −  (3.15) 
where W is the external work. It then follows that 
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From (3.14) and (3.16), we have finally 
 
2
2
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=  (3.17) 
Using (3.12) and (3.17) 
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 (3.18) 
With equation (3.18), when the coefficient D and n are known, the strain energy release 
rate can be calculated without measuring a, but only with the load and displacement 
values, which is a great advantage when making tests. This method was, for example, 
successfully used by Berkowitz and Johnson [99]. Combining equations (3.12) and 
(3.17), the strain energy release rate can also be written as 
 
2
nFG
aB
δ
=  (3.19) 
which is a more classic form, but requires load, displacement, and crack length 
measurements. 
In the MBT solution, correction is made by introducing a slightly longer crack length 
a + Δ . From equation (3.11) and (3.17), the strain energy release rate is 
 
3
2
FG
Ba
δ
=  (3.20) 
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which becomes for MBT 
 
3
2 ( )
FG
B a
δ
=
+ Δ
 (3.21) 
The calculation of the delta value can be made empirically, as described in the standards 
for the modified beam theory method [60], or by considering a beam on an elastic 
foundation similar to that described by Williams [64] for DCB testing on laminates. To 
calculate Δ empirically, C1/3 is represented as a function of crack length, and the 
abscissa where C1/3 is zero gives the value of Δ as shown in Figure 3-13.  
 
Figure 3-13: calculation of the correction factor Δ for MBT  method. 
 
Many different methods can be used to calculate the critical strain energy release rate by 
combining either the CC or the MBT method with either crack length measured by 
video-based method, with the compliance calibrated with crack of controlled length, or 
with the elastic foundation model. Four different solutions were considered.  
Firstly, Gc was calculated with equation (3.18) in which the coefficients n and D were 
measured by fitting the compliance determined with controlled crack lengths, and with 
the load F recorded during test.  
Secondly, equation (3.19) was used with the load F and displacement δ recorded during 
the test and the crack length a measured with the video-based method. The coefficient n 
was determined by fitting linearly the measured compliance (recorded displacement / 
recorded load) as a function of recorded video-based crack length during test. 
Thirdly, the MBT method was used coupled with the compliance calculated with elastic 
foundation model. The value of Δ was calculated so that the displacement of the ends of 
the peel arms was identical as calculated using classic beam theory with crack length 
a + Δ, or with the elastic foundation model, i.e.  
 
( ) ( )
3
3 aP
F a
y a z
D
+ Δ
= +  (3.22) 
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The strain energy release rate was then calculated with equation (3.21) with the load F 
and displacement δ recorded during the test and the crack length a measured with the 
video-based method. 
Finally, the elastic foundation model was used to calculate dC/da for any crack length 
and equation (3.17) was used in which the load F was recorded during the test and the 
crack length a was measured with the video-based method. 
 
For the measurement of G, the crack was propagated in 3 steps, from 50 mm to 70 mm, 
70 mm to 90 mm and from 90 mm to 110 mm, to allow for adjustments to the camera 
zoom in order to obtain the most accurate crack length measurements. These successive 
loading cycles also allowed the energy used to propagate the crack to be calculated by 
integrating the area under the curve [65, 66, 83]. Figure 3-14 shows one loading 
unloading cycle and the corresponding dissipated energy. As all the deformations are 
elastic, all the energy dissipated during the loading cycle is due mainly to crack 
propagation, and eventually to some losses (for example friction of the loading pins in 
the holes of the aluminum blocks). The mean G value could then be calculated as 
 
r
UG
a
Δ
=
Δ
 (3.23) 
where ar is the real crack length as represented in Figure 3-10. 
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Figure 3-14: Load displacement curve recorded during DCB crack propagation. The energy used 
for the crack propagation is ΔU. 
3.3.1. Results 
This section presents mainly the results of the measurements on Nomex® honeycomb 
from Hexcel. The behavior of Euro-Composite honeycomb was similar and only the 
final results (i.e. tearing energy) are given for this type. Figure 3-15 shows the load 
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displacement curves measured during successive loadings of a sample with cracks of 
various controlled length. The load-displacement curves confirmed the hypothesis of 
linear elastic behavior of the DCB sample until crack growth. When a sharp crack was 
created with a razor blade, the opening force did not decrease directly when the crack 
began to propagate. This was due to the toughness of the honeycomb. In reality, the 
process corresponded more to progressive tearing of the honeycomb than to real crack 
propagation. The force-displacement curve could then be separated into different 
regimes. Firstly, linear behavior, where no tearing took place, can be used to calculate 
compliance. Then the tearing zone formed between the non linearity point of the curve 
and maximum load. Finally, the tearing zone propagated and the force decreased. The 
tearing energy was calculated during this third regime. 
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Figure 3-15: measurement of compliance with different crack lengths from 45 to 125 mm. The DCB 
sample is loaded until the crack begins to propagate and then unloaded. The crack is then 
propagated artificially with a razor blade. The slope of the loading curve allows calculation of the 
compliance corresponding to the crack length. 
The compliance corresponding to cracks of controlled lengths was measured in the first 
linear zone of the curves and is depicted in Figure 3-16 with its fit following CC 
method. The compliance calculated by dividing the recorded displacement by the 
recorded load during crack propagation between 75 and 115 mm and represented as a 
function of crack length measured with the video-based method (“C video”) is also 
depicted. It corresponds very well to the measured compliance with controlled crack 
length. This confirms the high accuracy of the video-based crack length measurement 
method. The coefficients D and n used in the CC method were determined with the 
LN/LN plot represented in Figure 3-17. The curve fitting the compliance measured with 
controlled length has a slope n = 2.75, and D is 6.79 x 10-6. If the compliance is 
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calculated by dividing the recorded displacement by the recorded load during crack 
propagation between 75 and 115 mm, and represented as a function of crack length 
measured with the video-based method, the slope of the fitting curve is n = 2.81 for the 
sample tested in this case. The mean value of the n calculated during crack propagation 
in all the different samples was 2.79 which is close to the n value with controlled crack 
length. 
With the coefficients determined, G can be calculated only by measuring the force 
during crack propagation, using equation (3.18), or by measuring the load, 
displacement, and crack length and using equation (3.19). 
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Figure 3-16: Compliance of the DCB samples as a function of crack length. “C exp” corresponds to 
measurements of the compliance with controlled crack length, “C compliance calibration” to the 
corresponding fitting curve, “C elastic foundation” to the compliance predicted by elastic 
foundation model, “C classic beam theory” to the compliance predicted with third order 
polynomial deformation and “C video” to the ratio displacement/load measured during testing as a 
function of crack length measured by video-based method. 
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Figure 3-17: Compliance of the DCB sample as a function of crack length measured either as a 
function of controlled crack length or crack length measured with video-based method. 
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For the elastic foundation model, the following measured values were used: 
 Sample length L: 200 mm 
 Sample width: 20 mm 
 Peel arm bending stiffness DP:  458582 Nmm2 
 Tensile modulus of honeycomb Eczt: 64 MPa 
The calculated shape of the peel arm on elastic foundation is represented in Figure 3-18. 
As y(x) is negative on part of the foundation, it means that the honeycomb is under 
compression in this area. The Young’s modulus of honeycomb in compression is 60 
MPa according to the suppliers datasheet (Hexcel). This is very close to the measured 
tensile modulus, so the error made by considering the tensile modulus Eczt = 64 MPa on 
the whole beam is very small. In fact, if the Young’s modulus is considered to be 60 
MPa, the compliance changes by less than 1%. 
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Figure 3-18: shape of the deformed peel arm on elastic foundation of 130 mm length, i.e. with a 
crack length of 70 mm. The free end is at z = 0, and the force is applied at z = 200 mm. y(z) is 
positive at the end of the elastic foundation, but is negative on part of the elastic foundation. 
The compliance predicted with the model is represented in Figure 3-16. It corresponds 
well to the compliance measured with controlled crack length, with a slight 
underestimation when crack length was large. As the calculation of G was made with 
crack lengths smaller than 110 mm to avoid too much deformation of the peel arms, the 
model corresponds well in the targeted range. Compliance calculated according to 
classic beam theory, in which the peel arm was clamped at crack tip, is also represented. 
It underestimates significantly the real compliance, confirming the need to of take into 
account the deformations of the very light core. 
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The Δ value calculated with this compliance model in order to use the MBT method 
(Δ has to satisfy equation (3.22)) varied only slightly with crack length, between 8.74 
mm for a = 40 mm, and 8.70 mm for a = 100 mm. 
 
 For the measurement of G, the crack was propagated in 3 steps, from 50 to 70 mm, 
from 70 to 90 mm, and finally from 90 to 110 mm. Figure 3-19 shows the load, 
displacement, and crack length measured during the second propagation. The crack was 
70 mm length at the beginning of the test. As the crack was created by loading the DCB 
sample, the tearing zone was already created (in contrast to the crack created with a 
cutter). Therefore propagation of the tearing zone began almost directly after the linear 
regime, and maximum force was obtained at the end of the linear regime and 
corresponded well to the beginning of the measured crack growth.   
Measurements of the crack length with the video system corresponded very well to the 
crack length calculated from the recorded load and displacement using the compliance 
calibration method. The video system allowed fast and accurate crack length acquisition 
without the time consuming compliance calibration procedure. 
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Figure 3-19: crack length a measured with video system and calculated with CC method. Crack 
length before loading was 70 mm. In contrary to Figure 3-15, the crack before this test was created 
by loading the DCB sample and propagating the crack to 70 mm, but not with a razor blade. 
For each sample, the G value was calculated during propagation of the tearing zone, i.e. 
from maximum load up to unloading. A mean value was calculated then for each 
measurement. In many papers (see for example [65-67, 70, 97, 99]), the so called R-
curve representing the value of GC as a function of crack length is represented. In the 
present study, by considering all the samples, no clear tendency can be identified and 
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the measured GC value can be considered as being constant for crack length between 50 
and 110 mm. Table 3-4 summarizes the debonding energy calculated according to the 
different methods described in section 3.3 for Nomex® honeycomb from Hexcel and 
Euro-Composite respectively. The different calculation methods give very similar 
results with a maximum difference smaller than 3%. According to the standards [60], 
the MBT method provides the most conservative result. The direct use of the 
compliance calculated with the elastic foundation model gives an intermediate value 
between the MBT and CC methods. The use of the elastic foundation model coupled 
with the video system measurement thus enables the GC to be calculated quickly and 
accurately. Integration of the energy dissipated gives a slightly higher value, but the 
small difference may be due to other energy dissipation mechanisms, as for example, 
the friction of the loading pins in the holes. The tearing energy of honeycomb from 
Euro-Composite was significantly higher than for honeycomb from Hexcel. This is 
probably due to different Aramid fibers mats and impregnation resin used to make the 
Nomex® paper and settle the honeycomb in its final shape. However, for the design of 
sandwich structures, this property should not be determinant, as peeling loads are 
usually avoided. The shear and compressive stiffness and strength of the core have a 
much greater influence, for example in bending (see sections Chapter 5 and 6.3). 
Table 3-4: critical strain energy release rate GC for cracks propagating in honeycomb from Hexcel 
calculated with various methods. 
Honeycomb type Hexcel Euro-Composite 
Calculation method G [J/m2] G [J/m2] 
CC method (equation (3.18)) with controlled crack length 1009 +/-  71 1393 +/- 41 
CC method (equation (3.19)) with video-based crack length 1005 +/- 74 1380 +/- 76 
Modified beam theory (equation (3.21)), Δ from elastic foundation 
model  
996 +/- 69 1370 +/- 83 
Definition formula (equation (3.17), C from elastic foundation 
model  
998 +/- 71 1374 +/- 73 
Crack propagation energy measurement (equation (3.23)) 1025 +/- 66 1407 +/- 68 
3.3.2. Summary 
The tearing energy of the honeycomb core was measured to predict the maximum 
core/skin debonding energy attainable. A modified DCB test was used to this end and a 
new method was developed to measure the crack length, based on deformation analysis 
of the peeling arms. Coupled with the elastic foundation model developed in this work, 
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the tearing energy was measured quickly and accurately and found to be equal to ~1000 
J/m2 and ~1380 J/m2 respectively for honeycomb from Hexcel and Euro-Composite, as 
confirmed using the more classic but time consuming compliance calibration method. 
 
3.4. Toughness measurement of epoxy 
The properties of the adhesive are determinant for skin-to-core bonding. If the adhesive 
is too brittle, the meniscus breaks early and the debonding energy is small. The adhesive 
has to be tough to resist crack propagation in the core/skin interface. The toughness of 
the adhesive was measured in order to ascertain the limits of the adhesive for cohesive 
failure. Therefore, compact tension (CT) probes were fabricated and tested. In a second 
step, DCB samples with a thick layer of adhesive were produced to measure the 
toughness of the adhesive film. 
 
The adhesive measured was the VTA 260 adhesive from ACG. A major difficulty in 
measuring the bulk properties of adhesive was to produce samples without air bubbles. 
As the adhesive was not available commercially in a liquid form, attempts were made to 
fabricate a plate with several layers of adhesive films. Many bubbles were entrapped in 
the plate and it was not usable for testing. Therefore, a 4-mm thick plate was produced 
directly by ACG based on a liquid resin. CT samples were cut from the plate to the 
shape described in Figure 3-20, and then tested according to the ASTM standard [157]. 
The specimens were machined and the crack was initiated with a razor blade. After 
failure, on the broken surface of the sample, the crack length and exact thickness of the 
sample were measured using an optical microscope. A CT sample without a notch was 
also produced to measure the compliance of the machine and loading points as 
described in the standard. The critical strain energy release rate was then calculated as  
 C
CT
UG
BW φ=  (3.24) 
where U is the difference between the elastic energy stored in the CT probe at failure 
load, UQ, and the elastic energy stored in the uncracked probe at same load level, UI, as 
illustrated on the load/ displacement curves in Figure 3-20, B is the probe thickness, and 
WCT the specimen width.  The energy-calibration factor φ is defined in the ASTM 
standards as  
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where 
CT
a
x
W
=  with a representing the crack length. 
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Figure 3-20: (Left) CT probe dimensions. (Right) Load-displacement curves of Ct probe and 
unnotched probe. The stored elastic energy was measured for the CT probe at failure load and also 
for the unnotched probe at same load level. 
To confirm the results obtained with the CT probes (only 3 specimens due to the size of 
the plate manufactured by ACG), DCB tests were made on samples with a thick layer of 
adhesive, thus allowing the critical strain energy release rate to be calculated. Two 
GFRP plates were glued together with 4 layers of 300 g/m2 adhesive film. On one edge 
of the plate, a Teflon film was put between the two center adhesive layers to initiate the 
crack. To remove as many air bubbles as possible, intermediate compactions with a 
vacuum bag were made after each adhesive layer was laid on the plate. To prevent the 
two plates touching each other and resin flowing away during curing under a vacuum 
bag, 0.8mm thick steel ribbons were put at the edges to ensure minimum spacing 
between GFRP plates and to control the adhesive thickness. The edges of the plate 
(GFRP / adhesive / GFRP) were closed with a semi-permeable membrane in order to 
suck out the air without the adhesive. The plate was then cured under vacuum bag at 
80°C for 5 hours. It was cut into two centimeters wide beams. Aluminum blocks were 
glued at the pre-cracked end to introduce the load. 
WCT 
a 
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The crack was then opened at a rate of 0.2 mm/s and propagated. Crack length was 
measured by visual observation. 
The critical strain energy release rate was calculated by the standard method as 
 
3
2
C
C
PG
Ba
δ
=  (3.26) 
where CP  is the peak load at crack propagation, δ the opening displacement of the DCB 
sample, B the width of the sample and a the crack length before each crack propagation. 
 
The 3 CT probes broke at a similar load level as illustrated on the load / displacement 
curves reported in Figure 3-21. The critical strain energy release rate was calculated as 
GC = 878 +/- 73 J/m2. 
Figure 3-21 shows the typical load-deformation curves of the DCB test with the crack 
advancing step by step. The GC value was calculated for each peak load. However, 
crack propagation was not always cohesive and some parts of the samples contained 
many air bubbles. The measurements corresponding to these zones were thus not taken 
into account. The strain energy release rate obtained was GC = 898 +/- 120 J/m2. 
This value is similar to the one obtained with the CT probes and thus confirms the 
validity of the measurements. This value can then be used to evaluate the energy 
required to crack the bonding joint between the core and skin of sandwich structures. 
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Figure 3-21: load-displacement curve obtained with CT probes (left) and by propagating the crack 
in DCB samples (right).
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CHAPTER 4. CORE TO SKIN BONDING 
OPTIMIZATION IN ULTRA-LIGHT SANDWICH 
STRUCTURES 
 
 
When designing ultralight sandwich structures, the criteria and methods used for 
traditional sandwich structures are not sufficient to ensure an optimal strength to weight 
ratio. As shown in section 2.1.8, bonding of the skin to the core requires special 
attention because the reduction of adhesive for bonding can lead to a significant relative 
weight saving. Therefore this chapter concentrates mainly on optimizing of the bonding 
layer, i.e. reducing the weight of adhesive by keeping sufficient bonding. The first step 
of the study was devoted to understanding and predicting the formation of the adhesive 
menisci which was shown to control the bonding [70]. In the second step, the debonding 
energy of the skin measured with various meniscus sizes was studied in relation to the 
microscopic failure mechanisms. The correlation between the debonding energy and the 
properties of the different constituents was then established. 
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4.1. Prediction of the adhesive fillet size 
The considerable influence of the microscopic failure process on debonding energy has 
already been highlighted in section 2.1.8. To understand these mechanisms, it is vital to 
know precisely the size and the shape of the menisci. A model allowing accurate 
prediction of the fillet size as a function of the properties of the different sandwich 
constituents was developed as detailed in the following. The model was validated with 
sandwich panels fabricated using various adhesive quantities for core-to-skin bonding.  
4.1.1. Sandwich processing  
The skins were fabricated with 200 g/m2 T700 UD carbon fibre prepregs, Nomex® 
honeycomb from Hexcel, and VTA 260 adhesive. The contact angle of adhesive was 
measured on both Nomex® honeycombs from Hexcel and from Euro-Composite. 
As a first step, and in order to control exactly the amount of glue in the resin menisci 
forming between the skins and the honeycomb cell walls, the skins were cured 
separately under vacuum on an aluminium plate, so that the prepreg resin did not 
participate in the bonding process. The vacuum applied created a relative pressure of 
-0.9 bar under the vacuum bag. The skin was cured at 120°C for 70 min and the heating 
rate was 1°C/min. During this process, a peel ply was placed on the skin to create 
surface roughness in order to improve subsequent bonding with the core [158]. Figure 
4-1 depicts a typical roughness obtained after peel-ply removal. It is essential to use a 
peel ply which does not transfer any silicone or fluorinated elements onto the prepreg 
surface, otherwise adhesion can be reduced dramatically (see section 4.2 and [159]). 
The peel-ply used in this study was a nylon fabric producing a medium texture (A100 
PS from Aerovac). 
 
Figure 4-1: Cross-section of the carbon-fibre skin after peel-ply removal. The surface texture 
enables improved subsequent bonding, with increased adhesive surface and mechanical anchoring 
of the resin. 
Embedding resin 
Prepreg resin 
Carbon fibers 
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The adhesive for core-to-skin bonding was deposited on honeycomb using the method 
described in section 3.2.1. The honeycomb, with the controlled amount of glue, was 
finally placed on the cured carbon skin on an aluminium plate, and the panel was cured 
under vacuum at 120°C during 70 min with a heating ramp of 1°C/min. The same 
process was used for bonding the second skin. 
The shape and size of the adhesive menisci between skin and cell wall were measured 
on micrographs of sandwich cross-sections. 
4.1.2. Apparent contact angle measurements 
The shape of the resin fillets is essentially a function of the contact angles of the 
adhesive on the skin and core material. This contact angle is defined in Figure 4-2 
which shows a sessile drop in equilibrium on a surface. The contact angles were 
measured on the cured prepreg surface (after removal of the peel ply), and on the 
honeycomb cell walls. In the latter case, bands of Nomex® were peeled from the 
honeycomb panel and fixed onto a plate in order to have a flat surface.  
 
Figure 4-2: sessile drop in equilibrium on a surface. 
The sessile drop technique [160-162] was used to measure the contact angle. Small 
pieces of adhesive film were cut and deposited on the carbon or Nomex® surface, and 
cured at 80 or 120°C in order to observe the effect of the processing temperature. 
Shrinkage of the resin during curing may slightly change the shape of the drop, and so 
the contact angles measured in the solid state are not the true contact angles of the resin, 
but apparent contact angles. Furthermore, the pronounced roughness of the surfaces, 
especially the prepreg surface after peel-ply removal, has a significant influence on the 
contact angle. In fact, the free energy of the surface is increased as a result of an 
increase of the effective surface, and thus changes the contact angle. The theory of 
Wenzel enables the real contact angle on a smooth surface to be calculated, based on the 
contact angle measured on the rough surface, and a roughness parameter [163-165]. 
This shows that the contact angle will be decreased on a rough surface when the liquid 
wets the surface, and will be increased when the angle is larger than 90°. The improved 
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wetting of the prepreg surface treated with peel-ply has been highlighted by Bénard et 
al. [166] and it is particularly interesting to have good adhesion on the surface. The 
contact angle measured in the present study was the apparent contact angle on the rough 
surface. As the modeling of the meniscus formation only required the contact angles 
with the real rough surface, the corresponding contact angle on a smooth surface was 
not calculated. 
A significant contact angle hysteresis was observed, and the advancing and receding 
angles were measured. This effect is usually attributed to surface roughness and 
heterogeneities[160] For the advancing angle, small balls of adhesive were laid on the 
surface and these then spread spontaneously over the surface during curing. For the 
receding angle, small pieces of 50 μm thick adhesive film were laid on the surface and 
these retracted, due to surface tension during curing, to form sessile drops.  
The size of the drop usable for angle measurements is limited by gravity effects. The 
influence of gravity on the shape of the drop is characterized by the Bond number [160] 
 
2
o
gr ρ
γ
ΔΒ =  (4.1) 
where g is the acceleration due to gravity, Δρ the difference of density between air and 
the liquid forming the drop, r is the radius of a sphere with the same volume as the 
sessile drop, and γ is the surface tension of the liquid. When the Bond number is zero, 
the drop is a truncated sphere. To estimate the Bond number in the present case, in 
which the surface tension of the adhesive is not known, values of surface tension of an 
epoxy resin system as measured according to the Wilhelmy slide method [160, 162] by 
Page et al. [167] were used. They ascertained a surface tension of about 35 mJ/m2 for 
the uncured resin at room temperature. They showed that surface tension decreases 
slightly when temperature increases, and increases with the rate of conversion during 
curing. 
Considering g = 9.81 m/s2, Δρ =1189 kg/m3, and r = 0.4 mm which corresponds to the 
drops considered in the measurements, the Bond number is 0.05. According to the work 
of Smith and Van de Ven [168], using this Bond number, associated with the small 
value of the contact angles measured, the error in angle measurement due to gravity 
(considering that the drop has a spherical shape) is less than 0.5°, which is smaller than 
the standard deviation of the measurements. 
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As the viscosity of the adhesive is a function of temperature, the drops were cured at 80 
and 120°C, in order to determine the influence of temperature on the contact angle. 
Curing was carried out at atmospheric pressure as well as under vacuum. 
 
After curing, the drops were cross-sectioned and polished to the center with SiC paper 
of grade 1000. The advance of the polishing was controlled with an optical microscope 
in order to stop polishing at the centre of the drop. The height, hD, of the drop and the 
diameter, LD, of the contact line circle were measured under microscope in order to 
calculate the contact angle θ: 
 
2
tan
2
D
D
h
L
θ⎛ ⎞
=⎜ ⎟⎝ ⎠  (4.2) 
The contact angle measured will satisfy Young’s equation 
 ( )cossv sl lvγ γ γ θ= +  (4.3) 
where the γ values represent the surface tension of the interface solid/vapor, solid/liquid 
and liquid/vapor respectively, as represented in Figure 4-2. 
 
4.1.3. Fillet shape modeling 
Resin fillets are 3D structures with hexagonal symmetry. Their cross-section is, 
however, independent of position along most of the honeycomb cell wall, with only a 
small change noticeable in the corner of the hexagonal cell. Therefore, to predict the 
shape of the resin fillet, a 2D model was designed with two perpendicular planes and a 
resin fillet, as depicted in Figure 4-3. The two contact angles θ1 and θ2 were defined by 
the different surface tensions, and the area under the meniscus A was fixed by the 
volume of adhesive, considered to be incompressible. 
By using the Young-Laplace equation [160] 
 
1 2
1 1
lvP
r r
γ ⎛ ⎞Δ = +⎜ ⎟⎝ ⎠
 (4.4) 
where r1 and r2 are the two radii of curvature of the meniscus surface, ΔP is the pressure 
difference between the inside and outside of the meniscus, and, considering that for the 
2D case r2 is infinite, we have  
 
lvP
r
γΔ =  (4.5) 
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If the effect of gravity is disregarded, ΔP is constant and thus r is also constant [169]. 
The free surface of the meniscus is circular, with radius and center determined by the 
contact angles and the area of the meniscus. 
 
 
Figure 4-3: Calculation of the shape of the meniscus. The contact angles are determined by the 
surface tension, and the area A is fixed by the fillet volume. The forces involved in achieving 
equilibrium are the surface tension and the pressure difference. 
This result was also obtained by considering equilibrium equations, as represented in 
Figure 4-3: 
 lvd Pdlγ θ ≅ Δ  (4.6) 
with 
 ( )
2
22 2 1 1 'dydl dx dy dx dx y x
dx
⎛ ⎞
= + = + = +⎜ ⎟⎝ ⎠  (4.7) 
As 
 ( )( )arctan 'y xθ =  (4.8) 
we have 
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+
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and thus 
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= = ≅
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 (4.10) 
By introducing in (4.10) a circle equation of center (Xc ; Yc) and radius r 
 ( ) 2 2 22c c cy x Y r x xX X= − − + −  (4.11) 
we obtain  
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1
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P
rγ
Δ
=  (4.12) 
which is exactly the Young-Laplace equation for the 2D case. It should be noted that by 
considering the segment in equilibrium in Figure 4-3, it can be shown that: 
 
1d
dl r
θ
=  (4.13) 
The center of the circle can be determined as: 
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 (4.14) 
The fillet should thus have a concave shape if the contact angles are smaller than 90°, 
i.e. if the adhesive wets the surfaces. In the schematic representation of the fillet in 
Figure 4-4, the radius of the circle is determined by the area of the resin fillet using 
following equations: 
 
( ) ( )
( ) ( )
2 1
1 2
cos sin
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H r r
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θ θ
θ θ
= −
= −
 (4.15) 
and  
 
( ) ( ) 22 1 1 2cos cos 2
2
m mW r H r r
A
πθ θ θ θ⎛ ⎞+ − − −⎜ ⎟⎝ ⎠
=  (4.16) 
However, the area of the meniscus depends of the quantity of adhesive available for its 
formation. This was well-controlled when the adhesive forming the meniscus was 
directly put onto the honeycomb, as described in Figure 3-3, and the skin was already 
cured, but in cases where adhesive film, or one-shot processing were used, the amount 
of resin from the adhesive film and from the prepreg forming the meniscus was 
unknown and depended on the processing conditions, i.e. mainly the temperature and 
the level of vacuum applied. The effect of pressure on meniscus formation in the case of 
one-shot curing is discussed in section 6.3. 
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Figure 4-4: Fillet with constant radius of curvature. The radius r is determined by the area of the 
fillet 
The relation between the height of the meniscus Hm and the weight per unit area of 
adhesive could be easily calculated for a honeycomb with hexagonal cells, working on 
the hypothesis that the 2D model is valid for the entire honeycomb cell. Actually, in the 
cell corners between two adjacent cell walls, the meniscus presents a double curvature 
which changes the geometry. Nevertheless, in the case of small menisci (Wm/s ~ 0.1), 
the deviation is only located in the cell corners and the 2D model is valid for the greater 
part of the cells. By assuming a triangular meniscus of height Hm and width Wm, the 
volume of adhesive contained in one hexagonal cell is 
 
22 tan( / 6)6
4 3
m m m mcW H H WV π⎛ ⎞= −⎜ ⎟⎝ ⎠
 (4.17) 
where 2c is the outer diameter of the honeycomb cell. As the surface of one honeycomb 
cell is 
 
23 3
2
cS =  (4.18) 
the relation between the size of the fillet and the adhesive areal weight is 
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 (4.19) 
where ρ is the density of the adhesive, and α is the ratio between the area of the real 
meniscus and the triangular shape approximation. Figure 4-5 illustrates the meaning of 
the coefficient α on a meniscus cross-section, given by 
 
( ) ( ) 22 1 1 2cos cos2 2m m
m m m m
H r W r r
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α
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Knowing the contact angles of the adhesive with the skin and honeycomb, the shape and 
size of the meniscus could then be predicted with equations (4.15) to (4.20). 
 
Figure 4-5: Fillet shape, triangular approximation, and ratio α determining the real shape 
In the Young-Laplace equation (4.5), if the meniscus forms with a concave shape (as in 
Figure 4-4), r is positive and thus ΔP is positive. This means that the pressure in the 
meniscus is lower than the ambient pressure. This explains why the resin flowed into 
the meniscus. If the meniscus is convex, ΔP is negative and the meniscus cannot form.  
Furthermore, ΔP decreases when r increases. As the system will automatically tend to 
equilibrium, the radius tends to be as big as possible, as a function of the adhesive 
available, and as long as gravity can be disregarded. So when equilibrium is reached, 
the quantity of adhesive in the meniscus is only determined by the amount of adhesive 
in contact with the meniscus, and the geometry by the contact angles. If highly viscous 
adhesive is used, polymerization may occur before the adhesive has completely flowed 
into the meniscus. In this case, the size of the meniscus will also be controlled by the 
temperature-dependant chemo-rheological properties of the adhesive. These complex 
transient phenomena were disregarded in the present study, since the highest 
recommended curing temperature of the adhesive (120°C) given by the supplier was 
chosen in order to have the lowest resin viscosity. 
4.1.4. Results and discussion 
Fillet size prediction and measurements 
The apparent contact angle of the adhesive deposited on the prepreg and Nomex® was 
calculated from the width and height of the sessile drops. Due to the roughness of the 
honeycomb surface and of the carbon prepreg after peel-ply removal, the adhesive drops 
did not systematically adopt a regular sessile drop shape. When vacuum was applied, 
bubbles occasionally formed in the drop and then changed its form. In calculating the 
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contact angle, only the drops with a regular shape were considered such as those 
represented in Figure 4-6 and Figure 4-7. The contact angles measured are summarized 
in Table 4-1. The advancing angles were smaller when the adhesive was cured at 120°C 
rather than at 80°C. This was due to the lower viscosity of the adhesive at 120°C, 
thereby enabling the resin to spread more easily than it did at 80°C. The effect of resin 
viscosity was confirmed by the fact that the difference between advancing and receding 
angles was more pronounced at 80°C than at 120°C.  
The receding angles changed only slightly under the different curing conditions. 
Actually, the pieces of adhesive film laid on the surface did not really retract to form 
sessile drops, and this caused errors in the measurements. The receding angles were too 
small to be measured accurately with this method. The advancing contact angles 
measured when the adhesive was cured under vacuum were slightly lower than those 
under atmospheric pressure, but the difference was in the order of the standard deviation 
and was thus not significant. 
Table 4-1: Contact angles measured with adhesive VTA 260 on carbon prepreg and Nomex® 
honeycomb, with adhesive cured at 80° or 120° either under vacuum or at ambient pressure. 
 
Carbon prepreg: 
mean angle [°] S.D. 
Hexcel Nomex®: 
mean angle [°] S.D. 
Euro-Comp. Nomex®: 
mean angle [°] 
 
S.D. 
80°C advancing angle 24.0 3.5 23.1 4.9 25.4 4.5 
80°C receding angle 8.9 2.2 6.3 2.0 5.7 1.2 
120°C advancing angle 15.3 2.3 16.6 1.0 17.5 0.8 
120°C receding angle 8.5 2.6 9.4 0.5 9.8 0.7 
120°C advancing angle 
with vacuum  12.5 1.9 13.9 3.3 
 
14.9 
 
3 
120°C receding angle 
with vacuum 7.7 2.7 11.1 5.7 
 
12.7 
 
6.3 
 
 
Figure 4-6: Adhesive sessile drop on carbon prepreg. The adhesive was cured at 80°. 
 
Figure 4-7: Adhesive sessile drop on Nomex® honeycomb. The adhesive was cured at 80°. 
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The shape factor of the meniscus was then calculated with equation (4.20), and the 
weight per unit area of adhesive as a function of the contact angles and height of 
meniscus could be determined with equation (4.19). 
 
Meniscus size with adhesive deposition method 
When the adhesive deposition method was used, the adhesive stayed at the top of the 
honeycomb cell wall. Figure 4-8 shows adhesive on the top of the cell wall after the 
deposition process. During skin bonding, the adhesive had to spread onto the carbon 
surface as well as onto the honeycomb surface. Therefore, the advancing angles for both 
surfaces were taken into account in predicting fillet size.  
 
 
Figure 4-8: Adhesive on the top of a honeycomb cell wall after adhesive deposition of 22 g/m2. The 
adhesive surface has been highlighted with a black line for clarity 
The changing size and shape of the meniscus is illustrated in the micrographs of 
sandwich cross-sections in Figure 4-9 and confirms its predicted circular shape, 
especially in the case of a large meniscus. However, the adhesive menisci sometimes 
have an irregular shape due to the rough surface of the Nomex® and prepreg. In fact, 
small Aramid fibres pointing out of the honeycomb cell wall surface can completely 
change the meniscus shape, and thus the height of the meniscus differs from that with a 
circular shape. Figure 4-10 shows an example of such an irregular meniscus. These 
irregularities explain the large standard deviation of the measurements. 
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Figure 4-9: Resin fillet with 54, 29, 18 and 8 g/m2 adhesive. The size increases with adhesive weight. 
The end of the honeycomb cell walls is crushed (by pressure and the sawing process), and this 
distorts the shape of the meniscus, especially at low adhesive weights. Note that the scale is different 
on the two lower micrographs. 
  
Figure 4-10: (Left) Adhesive meniscus forming between the honeycomb cell wall and carbon fiber 
skin, with 25 g/m2 adhesive. Aramid fibers from the Nomex® honeycomb cell wall completely 
change the shape of the meniscus. (Right) Adhesive meniscus with 12 g/m2 adhesive. Some of the 
adhesive is in the resin meniscus, but some remains between the cell wall and the prepreg. 
The predicted fillet size as a function of adhesive weight is represented in Figure 4-11 
with the height Hm of resin fillet measured on sandwich samples produced with various 
adhesive quantities. When comparing the predictions to the actual measurements, it is 
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noticeable that the average size of the meniscus is overestimated by the model. In fact 
the model considers that all the resin is used to form a meniscus between two perfectly 
smooth surfaces. Actually, as the prepreg and the Nomex® are rough, some resin 
remains between the prepreg and the honeycomb cell wall, instead of forming the 
meniscus, as illustrated in the meniscus cross-section in Figure 4-10. This is accounted 
for with the following modification of equation (4.19): 
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where MA0 is the weight per unit area of adhesive not involved in forming the meniscus. 
The value MA0 minimizing the difference between the measured height and the 
predicted height with the least squares method is 4.85 g/m2. Allowing for this 
correction, the model describes very well the average size of the meniscus. This model 
can thus be used for any combination of core, skin and adhesive materials, providing 
that the contact angles of the adhesive on the core and skin materials are known at the 
curing temperature. The value of MA0 has to be adapted according to the roughness of 
the cured skin. 
 
Figure 4-11: Meniscus height predicted as a function of adhesive weight and contact angles. The 
contact angles were 13° on carbon and 14° on Nomex®. The corresponding shape factor was α = 
0.60. For the corrected model, the adhesive weight MA0 was 4.85 g/m2. 
Furthermore, with the known meniscus size, the assumption that gravity could be 
disregarded in calculating meniscus shape could be verified. By considering a fillet 
radius of 0.5 mm, and with the epoxy surface tension according to Page et al. [167], the 
Young-Laplace equation (4.12) gives ΔP = 70 Pa. In comparison, the pressure exerted 
by gravity with a 0.5 mm epoxy column is 
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 1190 9.81 0.5 5.8 Paghρ = × × =  (4.22) 
which is small in comparison, and further confirms the hypothesis of disregarding 
gravity effects.  
 
Meniscus size with commercial adhesive films 
When continuous commercial adhesive films were used for skin-to-core bonding, it was 
assumed that the contact angle with the prepreg was 0°, as the film completely covered 
the surface. On the honeycomb, the advancing angle should be considered as for the 
preceding case. However in the present case a large amount of adhesive remained on the 
surface of the prepreg in the honeycomb cell instead of forming the meniscus. This was 
mainly due to the high roughness of the carbon prepreg surface after removing the peel 
ply.  The mean thickness of the adhesive left on the surface was measured on 
micrographs. As the surface was very rough, a mean thickness was calculated on each 
micrograph as shown in Figure 4-12. The mean thickness measured was 21 μm, which 
corresponds to 25 g/m2 adhesive. The amount of resin which was not in the meniscus 
was then set to 25 g/m2 in the model. Figure 4-13 shows the predicted meniscus height 
which corresponds well to the size of the meniscus measured with 3 different adhesive 
films, thus confirming the validity of the model. 
 
Figure 4-12: Measurement of the mean thickness of adhesive left on the surface of the prepreg by 
the adhesive film. The area delimited by the white contour is adhesive on top of the rough prepreg 
surface. The mean thickness, calculated by dividing the area by the length of the zone considered, 
was 21 μm in the present case, which represents 25 g/m2 adhesive. 
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Figure 4-13: Meniscus height predicted as a function of adhesive weight and contact angle. The 
contact angles were 0° on carbon and 14° on Nomex®. The corresponding shape factor was α = 
0.52. The adhesive weight MA0, which is not in the meniscus, was considered as 25 g/m2. 
It was also interesting to observe that in the case of a 50 g/m2 adhesive film on already 
cured prepreg, half of the resin was not used to bond the core to the skin and merely 
constituted supplementary weight. This shows the advantage of the adhesive deposition 
method when small quantities of adhesive are used. An alternative is to use one-shot 
curing of the skin panel, so that part of the prepreg resin can be used to form the 
meniscus. However this method has the clear disadvantage of producing skin of reduced 
quality, especially when thin skins are used (see section 6.3). The adhesive deposition 
method associated with the meniscus size prediction model is thus an efficient tool for 
producing high quality ultra-light sandwich panels. 
4.1.5. Summary 
In this section the formation and size of the adhesive fillet between honeycomb cell 
walls and the skins of sandwich structures was studied. The adhesive deposition method 
described in chapter 0 was useful to study the size and shape of the menisci with 
controlled adhesive quantities as low as 8 g/m2 and up to 80 g/m2.  
To predict the shape of the adhesive meniscus, the contact angles between the adhesive 
and the Nomex® and carbon skin were measured. A pronounced contact angle 
hysteresis was highlighted, due to rough surfaces. 
A model was developed to predict the shape and size of the menisci on the basis of the 
contact angles. It was shown that the meniscus surface adopts a circular shape at 
equilibrium when the menisci are small enough to be unaffected by gravity. This was 
confirmed on the micrographs of sandwich panel cross-sections. 
 Core to skin bonding optimization in ultra-light sandwich structures  
 114  
The model predicting the height of the meniscus showed very good agreement with the 
measurements on sandwich cross-sections, providing that the residual layer of adhesive 
on the skin surface was taken into account. Prediction of adhesive fillet size and 
geometry is now used to predict the microscopic failure mechanisms, and thus the 
bonding quality, between honeycomb core and skin. 
  
4.2. Core-to-skin debonding energy and mechanisms 
The value of debonding energy as well as debonding mechanisms are of vital 
importance in achieving an optimal design of the bonding joint. Therefore, the 
debonding energy was measured with various quantities of adhesive and the 
corresponding failure mode was identified.  
The final goal of this section is to establish a relation between the properties of the 
honeycomb, the adhesive, the adhesive fillet formation mechanisms, and the measured 
debonding energy. 
4.2.1. Flatwise tensile test 
The flatwise tensile test was used to measure the bonding strength [59]. This test is 
convenient when comparing the bonding strength in different sandwich structures, but 
can lead to core failure when light cores are used, thus giving no information on the 
bonding strength [16].  
The skins were made of 70 g/m2 carbon prepreg with an EH84 matrix, and bonded to 
the core with EH84 epoxy resin. The core was a Nomex® honeycomb from Hexcel. The 
sandwich panels were manufactured in two steps. For each panel, the skin was first 
cured under vacuum on an Al plate. Figure 4-14 shows schematically the stacking of the 
different layers. During curing, a peel ply (Airtech Release ply B) was placed on the 
skin to create surface roughness to improve subsequent bonding with the core.  
 
Figure 4-14: curing process of the skin. The skin was cured at 120 °C. The temperature was 
increased by 1°C/min. The relative vacuum pressure was -0.9 bar. 
Al plate Carbon skin 
Vacuum bag Breather cloth Non adhesive film Sealing joint 
Peel ply  
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A selected amount of adhesive was laid on the honeycomb using the adhesive 
deposition method (see section 3.2.1) and the first skin was then glued onto the 
honeycomb core under vacuum with the stacking represented in Figure 4-15. As the 
processing parameters can have high influence on the debonding energy [100], the 
curing parameters were carefully kept unchanged for the different samples with same 
materials in order to measure only the variability due to different adhesive quantities. 
The second skin of each sample was glued using the same process. 
 
 
Figure 4-15: core-to-skin bonding process. The adhesive was cured at 120 °C. The temperature was 
increased by 1 °C/min. The relative vacuum pressure was -0.9 bar. 
50 x 50 mm2 square samples were cut from the sandwich panels and glued onto Al 
blocks. The two blocks were then pulled apart on the UTS testing machine until the 
sandwich sample broke. All the samples tested broke due to honeycomb core tearing, at 
a mean tensile stress of 1.45 MPa, even with only 15 g/m2 adhesive. Figure 4-16 depicts 
the core tearing during testing, and the failure stresses as a function of adhesive weight. 
When the amount of adhesive was greater than 15 g/m2, the variation of the quantity had 
no effect on the failure load. For these materials, this test was therefore not adequate to 
measure debonding strength, and another test measuring crack propagation energy had 
to be used to characterize skin-to-core bonding. 
 
 
 
Figure 4-16: flatwise tensile test results. The honeycomb core tore before skin / core debonding 
occurred. 
Al plate Cured carbon 
skin 
Nomex® 
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4.2.2. Climbing drum peel test 
As the skins of the sandwich structure were very thin, the most suitable testing method 
for measuring debonding energy was the climbing drum peel test [86]. This method 
allowed the critical strain energy release rate to be calculated in mode I [70]. In a first 
step, the same materials were employed as those used in the flatwise tensile test, and in 
a second step, the skins were made of 200 g/m2 carbon prepreg with a VTM 264 matrix 
and VTA 260 adhesive was used for core-to-skin bonding. However, the second skin of 
the samples was made with a 3-mm thick Al plate glued on honeycomb to avoid 
bending of the debonded part of the sandwich structure during peeling. As the material 
of the peel-ply as well as the degree of roughness have a strong influence on the 
adhesion [158, 159], various types of peel-ply were tested, and the one providing the 
better bonding was selected. Table 4-2 summarizes the different peel-plies used. Fine 
peel-plies were first used in order to avoid taking too much resin out of the prepreg. In a 
second step, a peel-ply with a larger thread was used to get better adhesion.  
Table 4-2: list of peel plies tested 
1 Airtech Release Ply B Tightly woven nylon fabric, produces a fine texture 
2 Airtech Bleeder Lease B Silicone coated version of 1 
3 Airtech Release Ease 234 TF NP PTFE coated glass fabric 
4 Aerovac A100 PS Nylon fabric, produces a medium texture 
 
The samples were cut into 70 mm widths. The peel direction was the ribbon direction of 
honeycomb, i.e. parallel to the cell walls of double thickness. The test was conducted in 
two steps. Firstly, the carbon skin was peeled off the sandwich during a first climb of 
the drum and the force-displacement curve was recorded. Figure 4-17 illustrates the 
peeling process. Immediately after this first climb, a second climb was carried out with 
the same structure, but with debonded skin. The force recorded during this second step 
corresponds to that needed to make the drum climb and to bend the skin, which was 
subtracted from the total force measured in first step. The debonding energy of the skin 
was subsequently calculated. 
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Figure 4-17: climbing drum peel test setup 
Figure 4-18 shows a typical load / displacement curve recorded during climbing drum 
peel test which presents a saw-tooth shape. This is due to the discontinuity of the 
honeycomb core. Each tooth corresponds to a crack propagation of length δ1 as depicted 
in the schematic representation of the core in Figure 4-18. The measured average 
crosshead displacement between the peaks was δ2 = 0.841 mm. The corresponding 
peeled distance is given as 
 1exp 2 2.78 i
o i
r
mm
r r
δ δ= =
−
 (4.23) 
where ro is the outer diameter of the drum plus half of the loading ribbon thickness, and 
ri is the inner diameter of the drum, respectively 65.1 mm and 50 mm. As the cell 
diameter s of the honeycomb is 3.2 mm, the outer diameter 2c of the cell is 3.7 mm, and 
the theoretical distance between two periodic honeycomb structures is  
 1
3 2.78 
2
c
mmδ = =  (4.24) 
which corresponds exactly to the measured distance between peaks. 
For the calculation of the critical strain energy release rate GIC, the average of the peak 
loads was considered. The work done by the load F exerted by the tensile machine to 
rotate the drum by an angle dθ is given by  
 ( )o idW F r r dθ= −  (4.25) 
The GIC value was calculated by subtracting the work done to make the drum climb 
from the work done at peak load and dividing it by the surface peeled and is 
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where Fpeak is the average peak load, Fo is the force to make the drum climb and to bend 
the skin and B is the sample width. 
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Figure 4-18: (left) force displacement curve recorded during skin peeling. The force needed to peel 
the skin is the difference between peel force recorded and the force needed to make the drum climb 
and to bend the skin. (Right) schematic representation of the honeycomb core and of the different 
dimensions considered. δ1 represents the distance between two fronts for crack propagation. 
 
In a first step, the different peel-plies were compared; the corresponding debonding 
energies are given in Table 4-3. The fine nylon peel-ply produced quite good adhesion, 
but with a high standard deviation, which made reproducible tests difficult. The resin 
absorption in the peel-ply was low. 
The silicone-coated version gave very high standard deviation values, making it 
unsuitable for studying the variation of GIC due to adhesive quantity variations. This 
large scatter probably arose from various coating transfers from the peel-ply to the 
prepreg. 
The PTFE-coated peel-ply presented the advantage of not sucking any resin out the 
prepreg, but there was then almost no adhesion to the skin surface, probably because of 
PTFE transferring onto the surface of the skin. 
Finally the peel-ply producing a medium texture gave higher and reproducible values of 
GIC. This was not only due to the selected peel-ply, but also to the adhesive used (VTA 
260) which was tougher than for the other tests (EH84). Furthermore, despite the larger 
thread, the resin absorption was similar to that of the fine peel-ply, which made it 
suitable for our study. 
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Table 4-3: average value and standard deviation of GIC measured with 30 g/m2 adhesive. The values 
for the 3 first peel-plies were measured with EH84 adhesive and the 4th with VTA260. 
Type GIC [J/m2] S.D. [J/m2] Prepreg resin sucked in peel-ply [g/m2] 
1. Nylon, fine texture 173 47 12.1 
2. Silicone coated 297 193 8 
3. PTFE coated 8 4.4 0 
4. Nylon, medium texture 668 26 13.5 
 
Figure 4-19 represents the debonding energy measured with various adhesive weights. 
The energy values measured with various quantities of EH84 adhesive and peel-ply 
number 1 were rather low, and reproducibility was poor. This was presumably due to 
the chosen peel-ply which did not provide good adhesion, and also to the brittle 
behavior of the EH84 adhesive. In fact, this resin is primarily designed for use as a 
prepreg matrix and is stiff but not very tough. The brittle behavior induced a low 
debonding energy and also scatter in the results. 
The curve representing the peeling energy as a function of VTA 260 adhesive weight 
clearly presents two different slopes. A rapid increase of GIC from 0 to 40 g/m2 adhesive 
was followed by a slower increase above this value.  
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Figure 4-19: Peeling energy values measured by the climbing drum peel test as a function of 
quantity of adhesive EH84 or VTA260. The dotted lines are guides for the eye and the cross-
hatched zone represents the honeycomb tearing energy reported in section 3.3 
4.2.3. Failure micro-mechanisms 
The micrographs taken from the samples after the peel test allowed different failure 
modes to be identified. Firstly failure with EH84 was often due to adhesive failure 
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between the resin meniscus and the skin. Figure 4-20 illustrates a meniscus which 
debonded adhesively from the skin. Secondly with VTA 260 adhesive failure mode 
changed depending on the adhesive quantity. Figure 4-21 illustrates the failure modes 
with various adhesive weights on meniscus cross-sections. With low adhesive weight, 
failure was mainly due to cohesive failure of the adhesive fillet. There were also areas 
where adhesive failure between the honeycomb cell wall and the adhesive fillet 
occurred. Above 25 g/m2, honeycomb cell wall tearing began to appear, as honeycomb 
pieces stayed in the resin meniscus on the skin. This phenomenon was more pronounced 
with 43 g/m2. At 77 g/m2 and more, the unique failure mode was honeycomb cell walls 
tearing above the resin fillet. 
The two mean failure regimes causing the two different slopes in Figure 4-19 can be 
explained. From 0 to 40 g/m2, cohesive failure of the adhesive fillet is the dominant 
mode. As the fracture energy is proportional to the fracture surface, the GIC value 
increases quickly with adhesive weight. 
Above 40 g/m2 adhesive, the dominant failure mode is honeycomb tearing. As the 
adhesive quantity increases, small adhesive amounts move along the honeycomb cell 
walls in the corners of the hexagonal cell due to capillarity forces; this slightly 
reinforces the core and accounts for the slow increase in GIC with adhesive amounts 
above 40 g/m2. 
 
Figure 4-20: Honeycomb cell wall debonded from the skin after the peel test. The texture of the 
peel-ply is visible on the fillet, showing that this was an adhesive failure. The fillet was made of 35 
g/m2 EH84 adhesive and the peel-ply was of type 1. 
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Figure 4-21: Micrographs of cross-sections of 
sandwich samples after peeling of the skin. The 
failure mode changed progressively from 
cohesive failure of the adhesive, and adhesive 
failure between honeycomb cell walls and 
adhesive fillet, to tearing of the honeycomb cell 
wall 
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The debonding energy measured with 150 g/m2 of adhesive agrees well to the tearing 
energy of the honeycomb reported in section 3.3 (see Figure 4-19). This confirms that 
the tearing energy of the honeycomb is the limiting factor in core-to-skin debonding 
energy when large amounts of adhesive were used with light cores.  
However, when honeycomb tearing already occurred with 40 g/m2 of adhesive during 
peeling, the debonding energy was smaller than the tearing energy reported in section 
3.3. This can be explained by slightly different stress states and tearing mechanisms. In 
fact, during tearing energy measurements using the modified DCB test, a tearing zone 
formed before the crack propagated, while during the climbing drum peel test the 
stresses were concentrated above the adhesive meniscus, so that the energy dissipation 
zone was smaller, and thus the measured tearing energy was smaller too. 
 
Failure mechanisms involved in the first regime (i.e. cohesive failure of the meniscus) 
are very complex due to the intricate geometry of the honeycomb and menisci and 
cannot be described precisely, and then predicted. The failure path was examined on 
micrographs after peeling. Two principal types of failures were present. In the first one, 
the meniscus broke at its base across its complete width, as depicted in the cross-
sections in Figure 4-22, while in the second one, the meniscus broke first vertically 
along the honeycomb cell wall and then horizontally in the meniscus, as can be 
observed in the cross-sections in Figure 4-23.  
 
 
Figure 4-22: Meniscus failure during the climbing drum peel test with crack propagation from the 
right side. The crack propagated horizontally at the base of the meniscus. The broken menisci were 
formed with 18 g/m2 (left) and 8 g/m2 (right). The white dots show the missing part of the meniscus 
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Figure 4-23: Meniscus failure during the climbing drum peel test with crack propagation from the 
right side. The crack propagated first vertically along the honeycomb cell wall and then 
horizontally at the base of the meniscus. The left-hand picture shows the path of the crack on an 
intact meniscus (black dots) and right-hand picture on a broken meniscus with 18 g/m2 adhesive. 
The white dots show the missing part of the meniscus 
In both cases, the failure area is similar and as a first approximation can be considered 
as the length of the base of the meniscus Wm for one side. The broken area in each 
honeycomb cell is then approximately 
 6broken mS cW=  (4.27) 
By dividing this broken area by the surface of one cell, we obtain the broken area 
fraction in comparison to a continuous failure surface 
 
2
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m mcW W
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Φ = =  (4.28) 
As the length Wm can be calculated as a function of adhesive weight, as described in 
section 4.1, the broken area fraction can also be expressed as a function of adhesive 
weight. By multiplying the broken area fraction by the toughness of the adhesive 
measured in section 3.4, the breaking energy corresponding to mode I crack propagation 
in the menisci is obtained and represented as a function of adhesive weight in Figure 
4-24. This prediction significantly underestimates the peeling energy measured in the 
peel test. This is in agreement with the results obtained by Okada and Kortshot [70], 
who obtained a higher debonding energy with discontinuous adhesive fillets than with a 
continuous adhesive layer. This shows that debonding cannot be considered as a crack 
propagation in mode I through the resin menisci. The high peeling energy measured is 
thus dissipated by other mechanisms. Firstly, the menisci break partly along the 
honeycomb cell walls, thus not in mode I but rather in mode II. As the critical strain 
energy release rate in mode II is usually greater than in mode I, this means that more 
energy is dissipated in this mode during peel testing. Secondly, the toughness of the 
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bulk adhesive is measured by propagating a sharp crack, while in the case of the resin 
menisci, the crack is stopped in front of each honeycomb cell (see Figure 4-18), and the 
crack has then to be initiated again. The amount of energy required to initiate the crack 
can be high on a smooth meniscus surface. Furthermore, a little plastic deformation may 
also occur before the crack initiates, and this also dissipates some energy. Finally, even 
with very small amounts of adhesive, some small pieces of Nomex® are sometimes 
torn, which further dissipates energy. 
By considering that all these mechanisms are proportional to the broken area, the 
calculated debonding energy can be multiplied by a coefficient in order to minimize the 
difference with the experimental results, using the least squares method. With a 
coefficient 2.31, the theoretical curve approximately fits the experimental results. This 
means that the dissipation mechanisms involved during debonding dissipate more than 
twice the energy required to propagate the crack in mode I through the menisci. 
However, it can be seen that a linear fit matches the experimental results very well. This 
indicates that the peeling energy is directly proportional to the adhesive quantity when 
the meniscus is fractured. This may be the case for energy dissipation due to plastic 
deformation of the menisci, but this energy dissipation mode cannot be dominant, 
because the epoxy resin is brittle. 
So, as the energy dissipation mechanisms are multiple, some of them dependant on the 
broken area and others dependant of the volume of adhesive, the exact dependency 
between peeling energy and adhesive weight can only be predicted theoretically with 
great difficulty. 
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Figure 4-24: peeling energy as a function of adhesive weight in the domain where failure is due to 
fracture of adhesive menisci. The model predicting the energy proportional to the fracture area 
significantly underestimates the experimental data and was multiplied with a fit coefficient 
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The optimal adhesive weight for this loading case is the one providing the highest 
debonding energy-to-weight ratio. Figure 4-25 represents the GIC value divided by 
adhesive plus skin weight calculated as a function of adhesive weight with the 
experimental data. The curve presents a maximum at about 35-40 g/m2. This is then the 
optimum adhesive quantity required in order to achieve the best strength-to-weight ratio 
for this loading case, i.e. peeling of the skin. This optimum is only valid for this specific 
loading case, but as peeling of the skin is usually the most critical loading case for 
debonding, this is the maximum adhesive weight to consider for other loading cases in 
order to avoid debonding of the skins. Of course, this value is directly related to the 
materials used, particularly the adhesive and honeycomb, and has thus to be adapted to 
other materials. Also, the optimal amount of adhesive determined corresponds to the 
quantity of adhesive forming the menisci on a pre-cured skin. If adhesive films or one-
shot curing is used, the real amount of adhesive in the menisci has to be calculated in 
order to use this result. 
0 50 100 150 200 250 300
0.5
1.0
1.5
2.0
2.5
3.0
G
C/(
A
dh
es
iv
e 
w
ei
gh
t) 
[J/
g]
Adhesive weight [g/m2]
 
Figure 4-25: GIC-to-weight ratio, as a function of adhesive weight. The maximum value is in the 
range of 35 - 40 g/m2. 
4.3. Conclusions  
The influence of the amount of adhesive on the formation of resin menisci between the 
honeycomb core and the carbon skin, and the resulting debonding energy was 
investigated. The deposition method (section 3.2.1) was used, and the experimental 
values of debonding energy were modeled using predicted geometry of the menisci, 
leading to following conclusions:  
• In contrast to the flatwise tensile test found to be inappropriate due to core 
failure, the climbing drum peel test enabled the optimum strength-to-weight 
ratio to be identified in the range of 35-40 g/m2. 
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• At adhesive quantities higher than 40g/m2, failure was due to honeycomb tearing 
and the debonding energy corresponded well to the measured honeycomb 
tearing energy. With lower adhesive quantities, the failure was due to menisci 
fracture.  
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CHAPTER 5. INFLUENCE OF ADHESIVE QUANTITY 
AND BONDING DEFECTS ON THE STRENGTH OF 
SANDWICH STRUCTURES 
 
 
During their use, sandwich structures are usually not exposed to peel loading of the 
skin, which is the worst case for core / skin debonding. Debonding may occur due to 
shear stresses at the core / skin interface or after skin buckling under compression. In 
these cases, the optimal adhesive quantity reported in Chapter 4 (~40 g/m2) gives an 
indication of the maximum amount of adhesive to use when designing a sandwich 
structure specifically to avoid debonding. However, this amount may be too much for 
the targeted loading case resulting in an overdesigned bonding joint, whereas weight 
could be saved by reducing the adhesive amount. In addition, the adhesive layer may 
also have functions other than only core-to-skin bonding. For example, Webber et al. 
[48] observed that the adhesive layer increased the stability of the skin against 
wrinkling, which can be advantageous on sandwich with very thin skins. Therefore, in 
order to observe the influence of the adhesive quantity on the strength of sandwich 
structures in a common loading case, the strength of sandwich beams with different 
amounts of adhesive was investigated in 4-point bending and under compression. The 
effect of bonding defects which could be present in use was also studied.  
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5.1. Materials and methods 
The skins of the sandwich structures were made of 70 g/m2 UD carbon prepregs.  The 
core was Nomex® honeycomb from Euro-Composite. The adhesive used was VTA260.  
Two different types of samples were prepared in order to evaluate the bending strength 
as a function of adhesive weight. Firstly, samples with very thin pre-cured skins were 
fabricated. The skins were made each of one UD layer at 0° (beam-length direction) 
cured at 120°C during 100 min., with a heating rate of 1°/min, under vacuum (-0.9 bar 
relative pressure), with the peel-ply A100 PS on the surface, as described in Figure 
4-14. Various amounts of adhesive were deposited on the honeycomb using the method 
described in section 3.2.1. The core was bonded to the first skin under vacuum (-0.9 bar 
relative pressure), as described in Figure 4-15. The second skin was bonded to the core 
in a second step with a 50 g/m2 adhesive film under vacuum (-0.9 bar relative pressure). 
During this second cure, the first skin was on an Aluminum mould to avoid damaging 
the skin or creating waviness due to the pressure applied by the vacuum bag. Each panel 
was cut in samples of 350 mm length and 30 mm width. The span between the outer 
supports in 4-point loading was 300 mm and 100 mm between the loading points. Since 
during bending it was always the skin under compression which failed, the samples 
were tested with the first fabricated skin with controlled adhesive weight under 
compression. 
 
The second type of sandwich samples was fabricated in one shot with skins made of two 
prepreg layers at 0° and 90°. This kind of structure with a cross-ply skin corresponds 
better to structures found in real applications than those with a UD skin.  However, 
these skins could not easily be cured separately and then bonded to the core, because the 
asymmetry of the 0°/90° layers caused a pronounced bending of the skin due to internal 
stresses, and the skin was then difficult to manipulate. Since during one-shot curing the 
skin on the vacuum bag side had a lower quality due to waviness, the study concentrated 
on the smooth skin on the mould side. The effect of waviness of the skin on the vacuum 
bag side is considered in section 6.3. The 0° prepreg layer was placed first on the Al 
plate to ensure maximum flatness of this layer which supports a much greater load than 
the 90° layer. Five different adhesive weights were used on the smooth side. In a first 
case, no supplementary adhesive was used, and bonding was carried out with the 
prepreg resin. In a second case, the adhesive deposition method was used and 25 
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respectively 85g/m2 of adhesive were deposited on the honeycomb. In a third case a 
50 g/m2 adhesive film was used and one or two layers of film were laid on the skin. As 
the panels were cured in one shot, the amount of resin from the prepreg participating in 
meniscus formation was unknown. Therefore, in order to ascertain precisely the 
adhesive quantity in the menisci for core-to-skin bonding, the size of the menisci was 
measured on micrographs of cross-sections and the corresponding amount of adhesive 
was calculated accordingly to section 4.1.3. The second skin was always bonded with a 
50 g/m2 adhesive film. 
The complete panel was cured under vacuum (-0.9 bar relative pressure) at 120°C 
during 100 min. An Al frame avoided lateral crushing when the vacuum was applied. 
Figure 5-1 illustrates the stacking of the different layers for curing. A non-perforated 
film was placed on the top prepreg to prevent resin flowing out of the prepreg. Fiber 
rovings were placed between the Al frame and the non-perforated film to allow air to 
circulate. As the film prevented air circulation through the thickness of the skin, the 
vacuum was only applied from the sides of the panels, and a good vacuum could not be 
ensured in the honeycomb cells. This phenomenon is further discussed in section 6.2. 
The panels were then cut into 7 samples of 30 mm width and 450 mm length. The span 
between the outer supports in 4-point loading was 400 mm, and 100 mm between the 
loading points. The panels were tested with the smooth skin under compression.  
 
 
Figure 5-1: Stacking of the different layers during one-shot vacuum bag curing. The breather cloth 
and plastic grid allowed better air circulation and a more uniform vacuum under the vacuum bag. 
The stresses in the skin were calculated from the load applied in bending, as explained 
in section 2.1.6. For the pre-cured UD skin, the stress was directly given by equation 
(2.58). When the skin was a cross-ply, the highest load would be in the ply at 0°. Using 
the CLT, it could be calculated that under compression the ply at 0° supported 93% of 
the load in the skin. The stress in the 0° ply was calculated as 
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where N is the load per unit width in the beam and tp the ply thickness. 
Since, during the 4-point bending, the sandwich had out-of-plane deformations, the skin 
under compression was bent and loaded the core under compression, as explained in 
section 2.1.6, which might then favor local instability of the skin. In order to have pure 
compression, 120mm beams were also cut from the second type of beams tested in 4-
point bending and these were loaded under compression as described in section 3.2.6. A 
clear disadvantage of this test was that the two skins were loaded at the same time. As 
the quality of the skins was different, it was difficult to identify the influence of the 
parameters modified on one skin only. 
 
When using models calculating the wrinkling load of the skin under compression, either 
during bending or compression tests, the bending stiffness of the facesheet with the 
adhesive menisci on its surface has to be known accurately. Therefore, after testing the 
sandwich beams, a 90 mm long section of the skin was cut from the beams. The 
honeycomb was removed from the skin by cutting it with a cutter at the top of the 
adhesive menisci, as shown in Figure 5-2. The stiffness of the skin was measured in 3-
point bending, with a span of 50mm. The measurement was made with the menisci side 
either in tension or under compression and the mean value was calculated. 
 
Figure 5-2: skin of a sandwich structure with honeycomb core cut at the top of the resin fillets 
5.2. Modeling of skin instability phenomena 
The failure of the sandwich beams with thin skins was mainly due to local instability of 
the skins. Therefore adequate models had to be chosen so as to be able to describe and 
predict the failure with best accuracy.  
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5.2.1. Dimpling 
The first instability to consider with honeycomb is intra-cell buckling of the skin 
(dimpling). As the UD skin was highly anisotropic, the model developed by Thomsen 
and Banks [55] and described in section 2.1.5, which takes into account the different 
bending stiffness of the skin in different directions, was used as basis. The wavelength 
chosen in the model, however, does not correspond to the periodic structure of the core. 
It was therefore changed by considering the length of the rectangle used for buckling 
calculation as the periodic distance between honeycomb rows, corresponding to δ1 in 
Figure 4-18, i.e. 1.5c with c being the length of a cell wall. This should in fact better 
correspond to the periodical waviness developing when dimpling occurs. To further 
improve the model, the presence of the adhesive fillet between the honeycomb cell 
walls and the face-sheets was taken into account. If the meniscus is infinitely stiff, it 
prevents bending of the face-sheet on the meniscus, and the width of the meniscus has 
to be subtracted at each edge of the rectangle considered for the buckling model. 
However, as the meniscus is not infinitely stiff, some bending of the face is still possible 
on the meniscus. This was taken into account in the model by subtracting not the 
complete meniscus width, but only a part of the width. Finally, the following model 
gave the critical compressive load per unit width in the skin for dimpling 
( )
( )
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 (5.2) 
where s is the cell size, i.e. the distance between two opposite cell walls, 1.5c the 
distance between two rows of cells, i.e. 3 2s , Wm the width of the meniscus as 
represented in Figure 4-4 and ξ a coefficient varying between 0 (no meniscus) and 1 
(infinitely stiff meniscus). 
5.2.2. Wrinkling 
The second type of instability is wrinkling of the skin, i.e. local buckling of the skin 
which can debond from the core or crush the core locally. As described in section 2.1.5, 
many models have been developed. The model developed by Gutierrez and Webber 
[39] is the one which corresponded the best to the case studied here. Firstly, it was 
developed for a bending loading case, so no adaptations were necessary. Secondly, the 
anti-plane stress assumption in the core was used, which corresponded very well to the 
very light honeycomb core used. Finally, both compressive and shear stresses were 
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considered in the core, giving the best accuracy. The critical line load and the 
corresponding critical half-wavelength for wrinkling were calculated by solving 
equation (2.37).  
The critical wrinkling stress is highly dependent on the bending stiffness of the skin and 
core out-of-plane and shear modulus. The adhesive used to bond the skin to the core 
formed resin fillets which significantly increased the wrinkling load. This effect could 
be taken into account in the model in two different ways. On one hand, the skin in the 
model could be replaced by the skin plus adhesive fillets, i.e. by a skin with increased 
bending stiffness lying on an unchanged honeycomb core. On the other hand, the skin 
could be considered as unchanged, but lying on a core locally reinforced on its surface 
by adhesive fillets. The first solution was considered in this model because the bending 
stiffness increase was easier to quantify.  
The first hypothesis of the model is that only the bending stiffness of the skin is 
changed by the presence of adhesive fillets, and not tensile or compressive stiffness. In 
fact, as the modulus of the adhesive is 2 orders of magnitude smaller than that of carbon 
fibers, the tensile modulus of the skin will be only slightly changed by the fillets. 
However, due to their geometry, the menisci act as local stiffeners of the skin in 
bending, and can significantly increase the bending stiffness despite their low modulus. 
The second hypothesis is that the coupling between tensile and bending deformations of 
the faces can be disregarded. In fact, as the skins are very thin, the bending force created 
by tension or compression in the skin due to the asymmetric stacking of the ply are very 
low, and the coupling effect has only a marginal influence on the wrinkling loads. This 
was verified with the model. This second hypothesis is used in the model of Gutierrez 
by setting BABD = 0, AABD = A11 and DABD = Df in equations (2.34), with A11 being the 
first coefficient of the ABD matrix, and Df  the bending stiffness of the skin. The value 
of Df can be calculated with CLT as 
 
2
11
11
11
f
BD D
A
= −  (5.3) 
However, as the bending stiffness with the adhesive menisci is difficult to calculate, 
because the adhesive layer is not continuous, Df was measured with different adhesive 
quantities, as described previously, and a fitting function was used in the model. 
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The classic wrinkling solutions assume a perfectly flat face sheet. If this hypothesis is 
more or less satisfied for the skin cured on the mould side, it is certainly not for the 
wavy skin cured on the vacuum bag side. In order to obtain a general model, the effect 
of initial waviness was included, and an arbitrary small waviness was used for the 
smooth face of the sandwich.  
The model of Gutierrez and Webber [39] can be adapted to take into account the initial 
deformations in a similar way to the models described in section 2.1.5. Equation (2.31), 
giving equilibrium of the face, has to be modified and written as 
 ( )
3 4 2 2
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dx dx dx dx
σ
=
− − − =  (5.4) 
where w0 and w are respectively the initial deformation and the deformation due to the 
load N. These deformations are represented by a sinusoidal function as described by 
equation (2.39). By combining equation (5.4) and equation (2.30) with the core 
equations (2.27) to (2.29), and taking into account the sinusoidal forms of w, w0 and τxz, 
the amplitude of the shear stress can be obtained as 
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 (5.5) 
Then as w has a sinusoidal shape, the coefficient k1, and the normal stress in the core σz 
have also a sinusoidal shape of the type 
 
1 1
0
0
sin
sinz z
xk K
l
x
l
π
π
σ
⎛ ⎞
= ⎜ ⎟⎝ ⎠
⎛ ⎞
= Σ ⎜ ⎟⎝ ⎠
 (5.6) 
Thus, by inserting the calculated shape of τxz in the differential equation obtained by 
combining the core equilibrium equations into (2.30), the value of K1 can be determined 
as 
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 (5.7) 
The amplitude of normal stress in the core, and of displacement w can then be 
calculated using equations (2.27) and (2.28)  
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The maximum local compressive strain in the skin due to local bending and to 
compression of the face can be calculated as in equation (2.50) 
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where h is the distance from the neutral axis of the face to the surface of the skin under 
compression. 
When the bending deformation of the sandwich beam increases, a supplementary 
compressive load rises in the core as shown in section 2.1.6. Equation (5.8) can then be 
corrected by adding this load resulting in 
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where DB is the bending stiffness of the sandwich beam. 
To identify the critical load for a sandwich structure with initial skin waviness of 
wavelength l0 and amplitude W0, the critical load for core compressive strength, core 
shear strength, and skin compressive strength have to be calculated by setting the stress 
or strain, as calculated with equations (5.5), (5.10) and (5.11), equal to the core strength 
or to the critical strain of the skin material and solving the corresponding equations 
numerically. The lowest of the critical loads will determine the type of failure. Of 
course, none of these different critical loads can be greater than the critical wrinkling 
load corresponding to the wavelength of the initial imperfection considered, because the 
wrinkling load is calculated for a perfectly smooth skin. 
To take into account the adhesive weight in the model, the same approach was used as 
for the wrinkling model, i.e. replacing the coefficient AABD, BABD and DABD by A11, 0 
and Df, measured as a function of adhesive weight. 
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5.3. Failure analysis of sandwiches with thin pre-cured UD 
skins 
During 4-point bending tests, the samples exhibited a non-linear behavior. Figure 5-3 
shows the load displacement curve recorded during 4-point bending tests on beams with 
different adhesive weights. After a linear part, corresponding to the pure compression 
and tension of the skins, the slope of the curve decreased. As carbon skins are elastic, 
the non-linearity is due only to geometrical non-linearity. In fact, during loading of the 
sandwich beams, a clear buckling of the skin in the cells (dimpling) could be observed. 
This dimpling created a misalignment of the fibers, and thus the stiffness of the skin was 
reduced. The force and displacement corresponding to the beginning of the non-linearity 
was fixed where the difference between the linear fit and the measured curve was 1% as 
depicted in Figure 5-3. Unfortunately, the force-displacement curves were not recorded 
for all the samples and are available for only four different adhesive weights. 
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Figure 5-3: Load-displacement curve measured in a 4-point bending test for samples with a single 
prepreg layer as skins, and various adhesive weights. The linear fit of the first part of the curve for 
49 g/m2 adhesive, and the corresponding definition of the non-linearity point is also shown 
To calculate the dimpling load by taking into account the effect of the adhesive menisci, 
the size of menisci was calculated for each adhesive weight by using the model 
described in section 4.1. The critical load was then calculated using equation (5.2) and 
the numerical values given in Table 5-1. In this model, it is interesting to observe that 
the stiffness in the width direction considerably influences the calculated dimpling load. 
Low stiffness of the UD skin perpendicular to the fibers is thus the main reason for the 
low dimpling load. The coefficient ξ was then adjusted so that the model fit the results.  
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Table 5-1: properties of the skin made of one layer UD prepreg calculated with CLT and 
dimensions of honeycomb considered for dimpling calculation 
D11 D22 D12 D66 1.5c s 
2.885 0.2452 0.0809 0.1544 2.77 3.2 
Nmm mm 
 
Figure 5-4 depicts the dimpling load calculated with the model and the experimental 
data as a function of adhesive weight. The dimpling load increased with adhesive 
weight, confirming the stabilizing effect of the resin menisci. With ξ = 0.6, the 
correspondence between the calculated dimpling load and the non-linearity point on the 
curves is very good for the four different adhesive weights considered. This means that 
the meniscus is replaced in the model by an infinitely stiff support of about half the 
width of the meniscus. This hypothesis is very reasonable and this dimpling model can 
then be used with the coefficient ξ = 0.6 to predict the dimpling load. Of course, the 
value of this coefficient could change when considering other materials, because it 
depends on the stiffness of the adhesive used, and on the shape of the meniscus, but it 
does provide a good approximation. 
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Figure 5-4: Load per unit width in the skin under compression in sandwich beams under bending 
as a function of adhesive weight. 
Dimpling instability was elastic and reversible and did not cause failure of the beam. In 
fact, at dimpling load, the fibers in the middle of the honeycomb cells buckled, but the 
fibers on the cell walls and menisci were maintained flat. Therefore, above dimpling 
load, the load continued to increase in the fibers maintained flat, but not in the buckled 
fibers. The mean load in the skin continued thus to increase but with reduced stiffness 
until failure occurred. As more fibers were maintained flat when the menisci were 
bigger, the stiffness after dimpling was higher with greater adhesive weight as depicted 
in Figure 5-3. All the samples broke due to compressive failure of the skin between the 
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loading points. Figure 5-4 depicts the load per unit width at failure in the skin, which 
increased with adhesive weight. The increase was more pronounced with low adhesive 
weights and a change of slope seemed to occur at about 40-50 g/m2 adhesive. However, 
the failure mode of the samples changed with the adhesive quantity at ~15-20 g/m2, so 
that the change of slope can hardly be related to the observed failure mechanisms, and 
should be confirmed by further testing. Figure 5-5 shows the two different types of 
failure. The samples broke mainly due to debonding of the skin when the adhesive 
quantity was smaller than 15 g/m2. As the core-to-skin debonding energy increases with 
adhesive weight, as observed in section 4.2, thus, logically, the stress at failure 
increased with adhesive quantity. Above 20 g/m2, failure of the skin was mainly due to 
local instability and compressive failure of the skin. The stress at failure also increased 
with adhesive weight greater than 20 g/m2. This confirms that the adhesive not only 
prevented skin debonding, but also reinforced and stabilized the skin.  
  
Figure 5-5: Failure of the skin under compression when the sandwich beam was loaded in 4-point 
bending. The failure was due to debonding with 8 g/m2 (left) and to compressive failure with 
113 g/m2 (right) 
Above the dimpling load, the stresses and deformations in the skin are no longer 
constant in the skin because some fibers buckle, others stay straight. Also, among the 
buckled fibers, the stress level is not the same depending on their position over the 
honeycomb cell. Therefore, the failure mechanism and loads are difficult to predict. By 
observing carefully the compressive failure in the samples with more than 20 g/m2 of 
adhesive as illustrated in Figure 5-5, it can be seen that the fibers are always broken at 
about the middle of the honeycomb cell. It is thus the buckled fibers which break and 
not those staying flat on the adhesive menisci. A typical failure pattern is represented in 
Figure 5-6. This type of failure does not correspond to a wrinkling failure, and this is 
confirmed by calculating the wrinkling load with the Gutierrez [39] model, which is two 
times greater than the experimental data. A possible failure mechanism is as follows: 
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after dimpling, most of the load is supported by the fibers maintained flat by the 
menisci. However, the honeycomb cell walls oriented in the direction of the fibers are 
not continuous, but are shifted by half the cell size from one row to the next. To 
transmit normal stress from one row to the next, shear stresses appear in the flat zone 
over the cell walls oriented at 60° to the fiber direction. These zones with normal and 
shear stresses are depicted in Figure 5-6. As the skin is made of only one UD skin, shear 
stresses appear between fibers in the matrix. When shear strength is reached, shear 
failure occurs along the fine dotted lines of the failure path represented in Figure 5-6. 
The buckled fibers are then no longer supported along the side edges and so fail along 
the thin plain lines represented in Figure 5-6. As the area of skin supporting the shear is 
directly proportional to the meniscus size, this explains the dependence between failure 
load and adhesive weight. However, the complex failure mechanism makes analytical 
modeling and prediction of failure very difficult to achieve, and was not further 
investigated in the present work. 
 
Figure 5-6: (Left) Schematic representation of an example of a failure path in the skin under 
compression. The fine dotted lines represent failure between fibers, and the thin plain line the 
failure of the fibers. (Right) Representation of the buckled area (center of the cells) and the area 
maintained flat by the menisci. 
5.4. Failure analysis of sandwiches with cross-ply skins 
All the samples with 0/90° fibers in the skins tested in 4-point bending broke due to 
compressive failure of the skin between the two central loading points. The skin broke 
due to wrinkling of the skin in the core, as illustrated in Figure 5-7. The skin became 
locally unstable and crushed the core. No debonding occurred, even when no 
supplementary adhesive was used. However, the strength of the sandwich beam 
increased with adhesive weight, even though no debonding occurred, as illustrated in 
Figure 5-8, which depicts the failure load as a function of adhesive weight. So, as stated 
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with the pre-cured skin, the adhesive not only ensured core / skin bonding, but also 
stabilized the skin and reinforced the core, thus increasing the wrinkling load.  
Interestingly, despite the fact that the amount of fibers oriented at 0° (length direction of 
the beam) and carrying 93% of the load in the cross-ply is the same as for the UD skins 
studied in the preceding section, the strength is significantly higher with the cross-ply 
(23-35 N/mm instead of 9-15 N/mm). Thus, this underlines how important is the 
stabilizing effect of the 90° ply. 
 
Figure 5-7: failure mode of the skin under compression without bonding defects. The skin became 
locally unstable and crushed the core. 
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Figure 5-8: compressive load per unit width in the skin at failure during 4-point bending test as a 
function of adhesive weight in the menisci for core-to-skin bonding. The critical loads predicted by 
the models for the different types of failure are represented. 
 
The bending stiffness of the skin was measured in order to evaluate the stiffening effect 
of the adhesive meniscus on the skin. It is represented in Figure 5-9 as a function of the 
adhesive quantity in the resin meniscus. For the range of adhesive quantity studied, the 
bending stiffness rose linearly with adhesive weight. Bending stiffness is also 
represented, as calculated with CLT and assuming an even layer of adhesive on the 
surface of the skin. The reinforcing effect is much more pronounced with the adhesive 
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menisci due to the stiffener geometry, and also due to the small fragments of Nomex® 
honeycomb fixed in the menisci. 
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Figure 5-9: Bending stiffness of the skin measured by the 3-point bending test as a function of 
adhesive weight in the menisci for skin-to-core bonding. The theoretical stiffness calculated with 
CLT for an even adhesive layer is also represented. 
Once the relation between the bending stiffness of the skin and the adhesive quantity 
was established, the critical load could be calculated with the different models 
described. 
Firstly, the ABD matrix of the 0/90° skin without any adhesive layer was calculated as  
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As the skins are thin and the core is cellular, the critical dimpling load was calculated 
with equation (5.2). The cell size s being 3.2 mm, the critical dimpling load without any 
adhesive meniscus (Wm = 0) is 65.7 N/m. This is about three times higher than 
experimental failure loads, implying that this mode is not critical in this case. Therefore, 
wrinkling models were used to predict the failure load. In order to use the model of 
Gutierrez and Webber [39], the minimal properties of honeycomb given in Table 3-2 
were considered and the ribbon direction was used. With these values, the critical load 
per unit width in the skin for wrinkling is 22.1 N/m and the corresponding critical half-
wavelength is 2.37 mm. As the half-wavelength is smaller than the honeycomb cell size, 
the validity of the formula seems to be questionable, because the model considers a 
continuous support of the skin. However, failure occurs always on a line perpendicular 
to the beam direction, i.e. perpendicular to the ribbon direction of the honeycomb. This 
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line always crosses the same number of honeycomb ribbons, wherever it is placed. 
Therefore, the support provided by the honeycomb on a line perpendicular to the ribbon 
direction is more or less continuous in the lengthwise direction of the beam, so that the 
elastic foundation can be regarded as being constant and the model is still valid. 
If the coupling effect between tension and bending of the skin is discounted, i.e. by 
replacing the coefficient AABD, BABD and DABD by respectively A11, 0, and the skin 
bending stiffness calculated with CLT as 5.842 Nmm, then the critical wrinkling load is 
22.25 N/m and the critical half wavelength 2.36 mm. The difference between this result 
and the complete model is then less than 1%, and the coupling effect can thus be 
disregarded in this case. 
By inserting into the model the bending stiffness of the skin as a function of adhesive 
weight as measured in Figure 5-9, the critical wrinkling load and half-wavelength can 
be calculated as a function of adhesive weight in the menisci. This curve, represented in 
Figure 5-8 correlated well with the experimental data, underestimating the value by 
3.5% when no supplementary adhesive is used, and overestimating by 3% when 
100 g/m2  of adhesive film was used.  
 
To use the models with preliminary deformation of the skin, the half-wavelength l0 was 
chosen, as for the dimpling model, i.e. by considering the distance between two 
honeycomb cells rows, which is 2.77 mm. This length is close to the critical wrinkling 
wavelength calculated, so that the deformations and the stresses caused by initial 
waviness can be significant. However, the model was developed for a sinusoidal shape 
of the skin across the whole width of the beam, which is not the case with honeycomb, 
where the skin is maintained more or less flat on each honeycomb ribbon. This will then 
reduce sensitivity to waviness, and will be studied more in-depth in section 6.3. An 
arbitrary small waviness, W0 = 0.5 μm, was used to calculate the critical loads for core 
compressive and shear stresses as well as local strains in the skin. Sensitivity to the 
changes in this arbitrarily fixed parameter was also studied. The numerical values used 
for these models are summarized in Table 5-2.  
Table 5-2: numerical data used in the models with initial deformations 
l [mm] W0 [μm] h [μm] Dbeam [Nmm] 
2.77 0.5 40.5 279328 
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With this small initial deformation, the failure loads for all three models are very close 
to the wrinkling load calculated. It can be observed in Figure 5-8 that predicted loads for 
shear failure of the core, and local compressive skin failure are the highest for all 
adhesive weights. The predicted failure load for core compressive failure is smaller and 
very similar to the wrinkling load. The failure mode is thus a coupling between local 
skin instability and core crushing. This is confirmed by observation of the broken 
sample illustrated in Figure 5-7. If the initial imperfection is considered to be 10 times 
smaller, the curves for core shear failure and skin compressive failure are nearly 
unchanged, and the curve for core compressive failure merges with the two other 
curves. The three curves tend, in fact, towards the wrinkling failure corresponding to the 
half-wavelength l0. If the initial waviness is considered to be 10 times larger, the 
predicted loads for core shear failure and skin compressive failure are decreased by 3% 
and the one for core compressive failure by 14%, thus confirms that this mode is the 
most sensitive to initial imperfections. This also shows that in the case of a smooth skin, 
the initial imperfection has to be assumed small enough in order to not under-evaluate 
the failure load. The choice of the size of initial imperfection is further discussed in 
section 6.3.  
So when the skin under compression is very smooth, failure load can be predicted 
accurately either by the wrinkling model or by considering a small initial imperfection 
causing compressive failure of the core, always taking into account the stiffening effect 
of the adhesive menisci on the skins. 
5.5. Influence of bonding defects on sandwich failure 
In some panels with 0/90° skins, bonding defects were simulated by introducing small 
non-adhesive film bands between the smooth skin and the core. The defects were either 
1.6, 2.5 or 5 mm long and extended across the complete width of the panel. They were 
placed in the middle zone of the beam, where the moment is maximum, and also in the 
zone between supporting point and loading point, where the shear force is present. 
Figure 5-10 shows the position of the defects during testing. In bending, 4 samples were 
tested for each panel with the smooth skin (with defects) under compression, and 3 with 
the smooth skin in tension.  
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Figure 5-10: sandwich beam in 4-point bending with the smooth skin with bonding defects under 
compression. The defects extended across the entire width of the beams 
All the samples broke in the skin under compression. The skin buckled over the defect 
between the two loading points and debonded from the core or delaminated between the 
plies as depicted in Figure 5-11. In the case of 1.6 mm long defects, the total 
delaminated length after buckling was 6, 8 and 10 mm with respectively 0, 21 and 
50 g/m2 adhesive. With 0 g/m2 adhesive, the defect propagated at the core / skin 
interface, whereas it propagated between the plies when more adhesive was used. The 
defect could easily move from the core / skin interface to the plane between the plies 
because the fibers bonded onto the core were at 90° (i.e. parallel to crack front), so that 
the crack could propagate in the matrix between the fibers. With 100 g/m2 adhesive, the 
failure was partly buckling and debonding, and partly wrinkling of the skin. With 
2.5 mm defect and 100 g/m2 adhesive, the skin buckled and delaminated between the 
plies so that the total debonded length was ~12 mm. In the case of the 5 mm defects, 
buckling of the skin occurred with little debonding so, when no supplementary adhesive 
was used, the total debonded length was about 6 mm.  
  
Figure 5-11: failure of the skin with bonding defect under compression. With adhesive weight less 
than 100 g/m2, the skin buckled over the bonding defect and delaminated between the plies (left). 
With 100 g/m2 adhesive and a 1.6mm defect, the failure was partly buckling and delamination, and 
partly wrinkling (right) 
When the skin with defects was in tension the failure always occurred due to wrinkling 
of the skin under compression between the two loading points. The defect in the zone 
where shear stresses were present never caused any failure or debonding. Also the 
Bonding defects 
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variation of adhesive weight on the face in tension did not change the failure load of the 
beam which is only controlled by the skin under compression. 
 
Figure 5-12 shows the compressive load in the skin at failure as a function of adhesive 
weight and with different defect sizes, as well as the load measured without defects. The 
5 mm long defects severely decreased the strength of the beam, and the load-carrying 
capacity was only 25% of that without defects, when no supplementary adhesive was 
used. With 1.6 mm defects, the strength was reduced to 70% of the one without defects, 
when no supplementary adhesive was used. By increasing the adhesive weight, the 
strength increased almost linearly, and the strength difference with the beams without 
defects was reduced. With 100 g/m2 the strength of the beam with 1.6mm defects was 
close to the one without defects. This is in complete agreement with the observed failure 
mode, which was partly wrinkling, i.e. the same mode as in the sample without defects. 
With 100 g/m2 adhesive, the 1.6 mm defects had thus almost no impact on strength. 
However, when the defect was 2.5 mm long, the strength was reduced to 70% of the 
strength without defects, thus showing a high sensitivity to defect size. 
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Figure 5-12: Compressive load per unit width in the skin at failure as a function of adhesive weight 
and with various debonding size. 
During the compression tests on the samples, the same failure modes were observed as 
occurred in bending. This confirmed that the out-of-plane loads introduced during 
bending tests did not change the type of failure of the skin under compression. 
However, the strength measured could hardly be used as misalignment problems 
disturbed the measurements and the scattering was very high. 
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As already mentioned, the strength of the beam with 1.6 mm defects increased almost 
linearly as a function of adhesive weight up to 100 g/m2. However, it was observed in 
section 4.2 that the debonding energy increased quickly up to 40 g/m2 and then 
increased slowly. There is thus no direct relation between debonding energy and the 
strength of the beams with bonding defects. Furthermore, as the defects propagated 
between the plies when more than 21 g/m2 adhesive was used, the core /skin debonding 
energy should not influence the failure load. Therefore, the increase of failure load of 
the beams with adhesive weight is not related to debonding energy but is controlled by 
other mechanisms. As for wrinkling, the skin bending stiffness was increased by the 
adhesive menisci, and the buckling load of the skin was increased. To confirm this 
hypothesis, a buckling model of the skin with debonding was developed. 
A skin with localized debonding could consist of a beam laying on an elastic foundation 
loaded under compression, as represented in Figure 5-13. When the compressive load in 
the skin is sufficient, the skin buckles. High tensile stresses then appear at the core/skin 
interface at the edges of the defects, and the crack propagates either in the core/skin 
interface or between the plies of the skin, if the energy required is lower. Buckling may 
be reversible, but this represents the limit load for the sandwich beam. The buckling 
load is controlled by the size of the debonded zone, by stiffness of the core, and by the 
flexural stiffness of the skin in the debonded zone as well as in the bonded zone 
represented by the elastic foundation. Therefore, as the adhesive menisci may have a 
significant influence on the flexural stiffness of the skin, and thus on local instability, 
the failure load of beams with bonding defects increases with adhesive weight.  
 
Figure 5-13: schematic representation of the skin under compression lying on an elastic foundation 
and with a bonding defect of length a. A possible buckled shape is also represented. 
Hansen [107] solved the equations analytically for the buckling problem with an elastic 
foundation, as described in Figure 5-13. They are 
 ( ) 1 3 1 2 1
2 3 2
'''' '' 0      for elastic foundation
'''' '' 0          for debonded zone
w k w k w
w x
w k w
+ + =⎧
= ⎨
+ =⎩
 (5.13) 
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where w(x) is the deflection of the skin and k1 and k2 are given by  
 3
f
Nk
D
=  and 2
f
kk
D
=  (5.14) 
where Df is the flexural rigidity of the skin and k the stiffness of the elastic foundation. 
The continuity of displacement, slope, transverse load, and moment between the two 
zones is obtained by setting equally w1and w2 and their three first derivatives at the 
beginning of the debonded zone. The solution provided by Hansen [107] for skin 
deflection was a complex number and thus had no physical meaning. In fact, the 
analytical solution separates into two distinct solutions at k32 = 4k2 depending on the 
ratio between core stiffness and skin bending stiffness, and the authors used the solution 
valid for (k32 < 4k2) in the domain (k32 > 4k2). An exact solution was therefore derived 
for the present case, and slightly modified in order to take into account the influence of 
adhesive weight. 
As the problem is symmetrical, only half of the beam was considered. At x = 0, the 
beam was considered to be clamped, which is realistic if the length of the zone 
considered, LB, is sufficiently large in comparison to the defect. The boundary 
conditions are thus 
 
( )
( )
0 0 ' 0
2
' 0 0 ''' 0
2
B
B
L
w w
L
w w
⎛ ⎞
= =⎜ ⎟⎝ ⎠
⎛ ⎞
= =⎜ ⎟⎝ ⎠
 (5.15) 
The stiffness of the core k is given by  
 
cz
def
Ek
H
=  (5.16) 
where Ecz is the Young’s modulus of the core. The compressive modulus measured for 
the honeycomb used was considered despite the fact that the foundation was mainly 
under tension because the tensile modulus was not known. However, it was noted in 
section 3.3.1 that tensile and compressive moduli were very similar for the honeycomb 
from Hexcel, which should also be the case for honeycomb from Euro-Composite. Hdef 
is the equivalent length of the linear spring representing the foundation so that the 
stiffness of the core is the same as the elastic foundation. If the shear stresses in the core 
are disregarded, then Hdef is equal to the thickness of the core tc, the normal stresses 
being constant throughout the thickness of the core. If the shear stresses are taken into 
account, the core is stiffer and Hdef < tc. This equivalent length is dependent on the core 
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shear modulus, and on the deformed shape of the face. As a first approximation, one can 
consider the equivalent length H calculated by Yusuff [37] (see section 2.1.5) for 
symmetrical wrinkling with a thick core 
 
1
3
21.651
f cz
core
D E
H
G
⎡ ⎤
= ⎢ ⎥⎣ ⎦
 (5.17) 
However, the development of this equation did not include the anti-plane stress 
hypothesis in the core and is thus not exact for the honeycomb core. Moreover, the 
shape of the face was assumed to be sinusoidal with the wavelength corresponding to 
the critical wavelength for wrinkling. This equation therefore gives only an 
approximation of the real foundation depth in this case. 
The bending stiffness of the skin can be significantly increased with adhesive menisci 
due to their geometry. In the beams with defects, two distinct stiffnesses have to be 
considered, one for the bonded and another for the unbonded zone. For the bonded 
zone, the measurements of skin bending stiffness with adhesive fillets were used. For 
the unbonded zone, two different cases were considered depending on the bonding 
method used. If the adhesive deposition method was used, the adhesive was laid on the 
core and the thin non-adhesive film creating the defect was situated between the 
adhesive and the skin, so that the stiffness of the skin in the unbonded zone was not 
affected by the adhesive weight. If adhesive films were laid on the faces, the non-
adhesive film was placed between the adhesive film and the core, so that the skin was 
locally reinforced by an even adhesive layer. In this case, the bending stiffness of the 
skin was calculated with an even adhesive layer, using CLT.  
With these adaptations, equation (5.13) becomes 
 ( ) 1 3 1 2 1
2 3 2
'''' '' 0   for 0  
'''' '' 0            for 
2
core
B
b core
w k w k w x L
w x L
w k w L x
+ + = < <⎧⎪
= ⎨
+ = < <⎪⎩
 (5.18) 
with  
 3
1f
Nk
D
=  2
1f
kk
D
=  3
2
b
f
Nk
D
=  (5.19) 
where Df1 is the bending stiffness of the skin in the elastic foundation as a function of 
adhesive weight, and Df2 is the bending stiffness of the skin in the debonded zone. The 
continuity of displacement, slope, transverse load, and moment between the two zones 
is obtained by setting  
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Using the Laplace Transform, the first part of equation (5.18) becomes 
 ( ) ( ) ( )1 2 4
2 1
'' 0 ''' 0sw w
W s
k k s s
+
=
+ +
 (5.21) 
where s is the variable in the Laplace domain. The inverse Laplace Transform gives  
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 (5.22) 
If k32 < 4k2, it can be simplified as 
 
( ) ( ) [ ] [ ]
( ) [ ] [ ] [ ] [ ]( )
1 12
3 2
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 (5.23) 
with  
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 (5.24) 
where ArcTan gives values between -π/2 and π/2. As illustrated later, this function 
corresponds well to the expected shape represented in Figure 5-13. 
If k32 < 4k2, the solution becomes 
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This solution is sinusoidal and periodic, meaning that the skin has the same deformation 
far from the defect as near the defect, but this does not correspond to observations made 
during the test. 
The solution for the debonded zone is  
 ( ) 32 3 4 3 32
b B
b b
k L
w x c c Cos k x Cot Sin k x
⎛ ⎞⎡ ⎤⎡ ⎤ ⎡ ⎤= + −⎜ ⎟⎢ ⎥⎣ ⎦ ⎣ ⎦⎜ ⎟⎢ ⎥⎣ ⎦⎝ ⎠
 (5.26) 
where c3 and c4 are integration constants. To determine c3 and c4, and the integration 
constants w1’’(0) and w1’’’(0) in equation (5.23), the boundary conditions given in 
equations (5.20) are used. A system of four homogenous equations with four variables 
is obtained and a solution different from zero is obtained only if the determinant of the 
system is zero. The lowest positive value of N, setting the determinant to zero, thus 
corresponds to the buckling load. Once N is determined, the corresponding deformation 
mode of the skin w(x) can be calculated by solving a set of three of the 4 equations with 
4 variables. 
 
To calculate the depth of the elastic foundation, the minimum value of the shear 
modulus in ribbon direction in Table 3-2, and the skin bending stiffness calculated with 
CLT Df  = 5.84 Nmm2, were used, giving Hdef = 1.4 mm. Provided that there is no 
supplementary adhesive on the skin, and the total length of the elastic foundation and 
defect LB = 20 mm, the buckling load with 1.6 mm defects is N = 17.2 N/mm, whereas 
the experimental load was 16.5 N/mm. This means that the model, coupled with the 
foundation depth predicted by Yusuff’s model, gives a good approximation for the 
buckling load. However, it should be remembered that this foundation depth was 
calculated without taking into account the anti-plane stress state in the core, and the 
wavelength considered was the wrinkling wavelength, which differs from the 
wavelength with bonding defects. Therefore, this foundation depth should only be used 
as an approximate guideline for selecting the depth in the present case. A more complex 
model, corresponding more accurately to the present case, has to be developed to 
calculate the real foundation depth. As for the wrinkling model, the hypothesis of 
continuous support of the core at the wavelength of the defect is questionable for defects 
smaller than the cell size. But as explained for wrinkling, since the support of a line 
perpendicular to the beam length is almost constant on beam length, and as buckling 
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occurs on a line perpendicular to the beam length, this hypothesis can be considered to 
be realistic.  
Figure 5-14 shows the deformed shape of the skin at maximum deflection in the center 
of the debond, and deflection vanishing quickly with distance from the debond. The use 
of a greater value for LB in the model resulted in the same buckling load and deformed 
shape. An increase in defect size significantly decreased the buckling load. The 
predicted load with 5 mm debond was 4.9 N/mm, while the measured load was 
4.65 N/mm. Oscillations of the skin near the defect were smaller when the debond was 
larger, and the buckled shape became closer to the cantilever beam. Thus, when debond 
size increased, the buckling load predicted by the model was close to the buckling load 
predicted by Euler’s model for a cantilever beam given as 
 ( )
2
2
22
f
Euler
D
N
a
π
=  (5.27) 
The buckling load for both models is represented in Figure 5-15 and confirms the 
similar predictions of both models with large debonds, while the Euler model diverges 
with small debonds. When debond size decreases, the elastic foundation model tends 
toward the critical value for k32 = 4k2, i.e. N = 28.5 N/mm. Above this value, the 
deformed shape becomes sinusoidal and the model becomes a wrinkling model. 
However, as the wrinkling load measured without defects was 22.3 N/mm, wrinkling 
will occur prior to buckling on the debond with defects smaller than ~1 mm. 
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Figure 5-14: deformed shape of the skin when buckling occurs with different debond sizes. 
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Figure 5-15: buckling load per unit width in the skin as a function of debond size predicted by the 
elastic foundation, model when no supplementary adhesive is used, or by the Euler model. 
Figure 5-16 shows the buckling load predicted by the model as a function of adhesive 
weight. The two different cases, corresponding to the two possible choices for the 
bending stiffness of the skin over the debond Df2, are represented. When adhesive films 
were used (50 and 100 g/m2), an even adhesive layer reinforced the debonded part of the 
skin (case “a”), while when the adhesive deposition method was used (25 g/m2), no 
adhesive was on the skin over the debond, and its stiffness was unchanged (case “b”). 
Therefore, the buckling load increased faster in case “a”. However, the increase in the 
model is less pronounced than the actual measurements, and the model significantly 
underestimates the buckling load with large adhesive quantities. This means that the 
skin stiffening effect of the adhesive was not the only phenomenon that could explain 
the increase of buckling load. Actually, the model considers the skin with menisci as a 
skin of unchanged thickness, with increased bending stiffness, and lying on an 
unchanged elastic foundation. Due to the small size of the debond and the short 
wavelength of the solution, then disregarding the adhesive fillet size with 100 g/m2 
adhesive (~0.5 mm) may lead to an underestimation of elastic foundation stiffness and 
consequently buckling load. A more complex model, taking into account the real shape 
of the menisci, should be used to evaluate the effect of menisci on elastic foundation, 
and the effect on the depth of the foundation Hdef. 
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Figure 5-16: experimental and theoretical buckling load per unit width in the skin with various 
debond lengths as a function of adhesive weight in the menisci. The case “a” of the model 
corresponds to a skin reinforced by an even adhesive layer over the debond, case “b” to unchanged 
skin properties over the debond. 
The increase in buckling load with adhesive weight was less pronounced with large 
defects. This is explained by the larger skin oscillations and stresses in the foundation 
with small debonds, whereas with large debonds (see Figure 5-14) skin deformations 
tend towards the cantilever beam deformations. This means that the reduced failure load 
with small debonds can be improved by adding adhesive, while this has very little effect 
with large debonds. 
5.6. Optimization of the strength to weight ratio in 
symmetric sandwiches 
The results of the 4-point bending tests have shown the high influence of the type of 
skins and adhesive weight on the failure mechanisms and load. The use of only one 
layer of prepreg at 0° results in a structure presenting dimpling at a low load, due to the 
very thin skin and low stiffness of the skin in width direction. This instability does not 
allow full advantage to be taken of the intrinsic strength of the core and skin. With the 
0/90° skin, the load is mainly in the 0° ply, so that this configuration is not optimal for 
the bending loading case. But as a sandwich panel is often loaded in various directions 
in different applications, this lay-up is more realistic. Therefore, the present 
optimization of the sandwich structure concentrates on this lay-up. 
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It was shown in the precedent section that bending strength increased with adhesive 
weight used for core-to-skin bonding, but the adhesive weight providing the best 
strength-to-weight ratio has still to be identified. Furthermore, an increase in the load-
carrying capacity of the sandwich due to supplementary adhesive needs to be compared 
to the increased load-carrying capacity by increasing skin thickness or core thickness. 
Three different cases were considered for the sandwich beams: 
1. carbon skin = 0.14 mm thick, 8 mm thick honeycomb, adhesive 0-100 g/m2 
2. carbon skin = 0.14-0.22 mm thick, 8 mm thick honeycomb, 0 g/m2 adhesive  
3. carbon skin = 0.14 mm thick, 8-16 mm thick honeycomb, 0 g/m2 adhesive  
Based on the compressive load per unit width at failure Nmax, calculated with the models 
already developed, the critical bending moment per unit width is  
 max maxM dN=  (5.28) 
where d is the distance between the centers of the two faces. The total weight of the 
beam was calculated by considering two identical faces. However, it should be noted 
that, in the case of bending in one direction only, unsymmetrical faces would be 
advantageous. In fact, as all the failures observed in this work occurred in the face under 
compression, reinforcement of this face only is recommended in terms of strength-to-
weight ratio. 
Figure 5-17 illustrates changes in the bending stiffness of the skin by varying either the 
adhesive weight or carbon weight as a function of the total weight of carbon and 
adhesive. Changes in bending stiffness with an even adhesive layer, and with varying 
carbon thickness, was calculated with CLT. The reinforcing effect of adhesive menisci 
on the skin was similar to that obtained by increasing carbon thickness up to ~40 g/m2 
supplementary weight. Above this weight, the increase of bending stiffness by 
increasing skin thickness was more pronounced, and thus the strength of the beam is 
higher if the failure mode stays the same. 
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Figure 5-17: changes in skin bending stiffness with: (Adhesive fillets) variation in adhesive fillet size 
and constant carbon thickness; (Even adhesive layer) variation of the thickness of even adhesive 
layer and constant carbon thickness; (Skin thickness) no adhesive and variation of carbon 
thickness. 
To calculate the moment causing failure of the sandwich beams without debonds, the 
wrinkling model for a smooth face described in section 5.2 was used. The other failure 
models for core compression, core shear, or local skin compression, with small 
preliminary waviness of the skin resulted in exactly the same tendencies and are 
therefore not represented here. Skin stiffness as a function of adhesive fillet size or 
carbon thickness, as represented in Figure 5-17, was used in the model to calculate the 
change of wrinkling load as a function of these two parameters. The change of core 
thickness was also inserted into the wrinkling model by varying the distance d between 
the faces. Increased elastic foundation thickness induced a decreased wrinkling load. 
However, the increased distance d between the faces increased the failure moment. 
Figure 5-18 shows changes in the failure moment for various adhesive weights and 
carbon and core thicknesses. The highest reinforcing effect was obtained by increasing 
the thickness of the carbon skin. The reinforcement obtained by increasing adhesive 
quantity was similar up to ~40 g/m2 supplementary weight per face, but was smaller at 
higher weights. The reinforcing effect obtained by increasing core thickness was lower 
and thus not interesting in this case. The ratio between failure moment and total weight 
of the beam increased by increasing all three parameters considered. This means that the 
increase of the failure moment was higher than the increase in weight. The increase of 
honeycomb thickness induced only a small increase of the ratio, and the maximum was 
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reached when the core thickness was ~16mm (890 g/m2). It was therefore preferable to 
increase either adhesive weight or carbon thickness, which caused a more pronounced 
increase of the ratio. Of course, these predictions were only valid if the failure mode 
stayed the same, i.e. wrinkling of the skin. This was certainly the case when the 
parameters were slightly changed, but may differ when the change is more significant. 
For example, significantly increasing the skin thickness without adding supplementary 
adhesive for skin-to-core bonding may lead to skin debonding.  All the failure modes 
have thus to be considered in order to verify the validity of parameters choices.  
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Figure 5-18: moment per unit width causing wrinkling of the face under compression as a function 
of total sandwich weight, by varying either adhesive quantity, carbon thickness, or core thickness. 
The ratio between failure moment and total weight is represented on the right. 
The moment-to-weight ratio increased by increasing the adhesive weight between 0 to 
100 g/m2, the optimal adhesive weight giving maximum strength-to-weight ratio being 
in fact 160 g/m2 of adhesive on each face. However, above ~40 g/m2 supplementary 
weight by face, the increase in carbon thickness caused a more pronounced increase of 
the ratio and was therefore advantageous. This means that 40 g/m2 adhesive on each 
face is the most pertinent choice for the bending or compressive loading case, since a 
lower adhesive weight provides a lower strength-to-weight ratio, and a higher adhesive 
weight provides less reinforcement than by increasing carbon skin thickness. 
Furthermore, adding 40 g/m2 of adhesive provides, on one hand, the same reinforcing 
effect as adding 40 g/m2 of carbon prepregs, and, on the other hand, also improves the 
core-to-skin bonding, since 35-40 g/m2 of adhesive provided the best debonding energy-
to-weight ratio, as shown in section 4.2. It is thus preferable to add 40 g/m2 of adhesive 
rather than 40 g/m2 of carbon prepreg. However, this is only valid for a structure design 
based on strength. If bending stiffness of the beam is considered, the tensile and 
compressive stiffness of the skin have to be considered and the conclusions would be 
different. 
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For the beams with debonds, the model developed was used despite the fact that it 
underestimated the reinforcing effect of the adhesive. Calculation of the buckling load 
as a function of adhesive weight was made assuming an even adhesive layer on the face 
over the debond. The buckling load for various carbon thicknesses was calculated by 
inserting the stiffness of the skin as a function of carbon thickness in the elastic 
foundation model, both for Df1 and Df2. For the various honeycomb core thicknesses, the 
change of failure moment was due to the change of distance between the faces, with the 
buckling load in the skin being considered as constant. This hypothesis may however 
lead to inaccurate prediction, because the core thickness will affect the elastic 
foundation which is actually constant in the model. 
Figure 5-19 shows changes in the failure moment of a beam with a 1.6 mm debond, as a 
function of the total weight of the sandwich structure, by varying the three parameters 
mentioned above. The reinforcing effect was most pronounced by increasing carbon 
thickness. This case had the advantage that the skin stiffening effect was the same over 
the whole beam, while the skin stiffening due to adhesive menisci was only present on 
the bonded area, and not over the debond. In terms of moment-to-weight ratio, the 
increase of carbon thickness was also most effective. The optimal weight providing 
maximal ratio was higher than 100 g/m2 supplementary weight for all cases. However, 
as the prediction model is not accurate, the tendencies shown by the curves should be 
considered rather than the quantitative values. The main conclusion is that the best way 
to avoid skin buckling and debonding over a preliminary debond is to increase carbon 
thickness in the skin instead of adding adhesive. 
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Figure 5-19: moment causing buckling of the face under compression with 1.6 mm debond as a 
function of total sandwich weight, by varying either adhesive quantity, carbon thickness, or core 
thickness. The ratio between buckling moment and total weight is represented on the right. 
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5.7. Conclusions  
• Ultralight sandwich structures with thin skins broke under bending due to local 
instability of the skin under compression. Local instability was either dimpling 
with skins with only one 0.07 mm thick UD prepreg layer, wrinkling of the skin 
in the core with two prepreg layers at 0 and 90°, or buckling and delamination of 
the skin when preliminary debonds were present.  
 
• The strength of sandwich structures with 0/90° fibers in the skin was twice as 
high as in those without 90° fibers. This showed the important stabilizing effect 
of the 90° layer on thin skins. 
 
• Bonding defects induced a significant strength reduction (75 % reduction with 
5 mm defect); great care is thus necessary to avoid defects during processing. 
 
• An increased adhesive quantity for core-to-skin bonding increased the strength 
of the beam. However, the strength increase was not due to the better core-to-
skin bonding, but rather to the stabilizing effect of the adhesive menisci on the 
skin. The models taking into account the stabilizing effect of the adhesive 
menisci on the skin gave a good prediction of the instability load and confirmed 
the observed strength increase with adhesive weight.  
 
• With the models developed, for beams with 0/90° skins, it was calculated that 
~40 g/m2 adhesive per skin can be considered as the optimal choice to optimize 
the strength-to-weight ratio in bending of this particular sandwich structure.  
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CHAPTER 6. PROCESS OPTIMIZATION OF 
ULTRALIGHT SANDWICH STRUCTURES 
 
 
As explained in section 2.1.9, the optimal choice in terms of process pressure, 
temperature, temperature ramp, consumables used, or number of curing steps is difficult 
to find and optimal processing is often a compromise between several solutions. The 
present chapter concentrated essentially on the relation between microstructure, strength 
and process pressure, defined as the pressure exerted on the panel, i.e. the difference 
between pressures outside the vacuum bag and in the vacuum bag. It should be high 
enough to ensure good bonding and skin compaction, but must be adjusted to avoid 
pronounced skin waviness and core damage.  
Preliminary experiments were realized in order to identify suitable consumables and to 
investigate the changes in actual pressure in honeycomb cells during curing. 
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6.1. Influence of the consumables on sandwich failure 
In a first step, the influence of the consumables used was studied in order to define the 
option giving the highest quality and ensuring reproducibility of the results. 
The skin and core materials were identical as in chapter Chapter 5. Skins comprising 
two prepreg layers at 0 and 90° and 50 g/m2 of adhesive films were used on both faces. 
Two different methods were used in processing the structure. The first one was similar 
to the one described in Figure 5-1, but replacing the non-perforated film by a peel-ply 
(A100 PS from Aerovac) and a perforated film, thus allowing air circulation through the 
skin, and better vacuum formation in the honeycomb cells. The second process was 
identical to the one described in Figure 5-1. The panels were cut into samples of 30 mm 
width and 450mm length and tested in 4-point bending. The inner and outer span were 
respectively 100 and 400 mm. 
 
In both processing options, the skin on the vacuum bag side had a wavy aspect due to 
the vacuum pressure applied. During curing, the peel-ply absorbed a lot of resin, and 
some resin flowed through the perforated film into the breather cloth. By weighing the 
peel-ply before and after processing, it was calculated that 27 g/m2 of resin flowed into 
the peel-ply. As the two prepreg layers contained 74 g/m2 adhesive, 36% of the resin 
was removed from the skin on the vacuum bag side during processing. 
During the 4-point bending tests, the skin under compression broke between the loading 
points due to wrinkling. The compressive strength of the skin cured with peel-ply was 
reduced by 15%. Stresses at failure in the 0° ply of the skin for the two sides of the 
panels are represented in Figure 6-1. The use of peel-ply with such thin skins should 
therefore be avoided in order to have good skin quality. Other methods could be used to 
allow air circulation through the skin without sucking out too much resin. Pre-
impregnated peel-ply could be used, but an accurate choice of the resin amount in the 
peel-ply would have to be made so that resin was neither sucked out of the prepreg nor 
added to the skin. Alternatively, a perforated film could be placed directly on the 
prepreg under the peel-ply and breather cloth, so that air could be evacuated from the 
core by sucking resin out of the prepreg only locally at the perforations. The size and 
spacing of the perforations would have to be optimized to allow good air circulation 
through the skin without reducing skin properties. These solutions were, however, not 
further investigated here.  
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The presence of peel-ply on the vacuum bag side did not, however, influence the 
strength when the smooth side (cured on an Al plate) was loaded under compression. 
When comparing the compressive strength of the skin cured on the vacuum bag side 
without peel ply to the strength of the skin on the smooth side, a strength reduction of 
7% was observed, due to the waviness of the skin. This effect is studied in more details 
in section 6.3. 
Finally, as the strength was higher when using non-perforated film without peel-plies, 
this solution was chosen for a study of sandwich strength, by varying other parameters. 
It has the additional advantage of sucking no resin out of the prepreg, thus ensuring thus 
good reproducibility. 
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Figure 6-1: Stress at failure in the 0° ply of the skin in a 4-point bending test. The wavy skin was 
cured with and without peel-ply on the surface, while the corresponding smooth face was cured on 
the Al plate in both cases. 
6.2. Permeation measurement of the skin and consumables 
During vacuum bag processing, the pressure under the vacuum bag is measured by a 
pressure sensor and controlled by the vacuum pump. However, if the sandwich is cured 
with both skins at once, the honeycomb cells are closed and the pressure in the 
honeycomb is unknown, and can neither be measured nor controlled. In fact, the 
absolute pressure in the cells can be significantly higher than that under the vacuum 
bag. Using various consumables, the changes in pressure were thus measured by 
applying vacuum through the prepreg skin, in order to correlate the pressure measured 
in the vacuum bag during processing to the pressure in honeycomb cells, thereby 
ascertaining the real pressure in the honeycomb cells and the effective pressure applied 
on the skin, i.e. the difference between the atmospheric pressure and internal pressure in 
the cells.  
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6.2.1. Materials and methods 
The set-up described in section 3.2.7 was used in order to measure the permeability of 
the skin and consumables. During this entire thesis project, the sandwich panels were 
mainly processed with a non-perforated film on the surface of the prepreg to avoid resin 
flowing out of the prepreg, as observed in the previous section. To allow circulation of 
the air under the non-perforated film, dry fiber rovings were placed on the side of the 
panel under the film, as described previously in Figure 5-1. The first pressure 
measurement was thus made with the following lay-up: 
• Honeycomb 29 kg/m3 
• Adhesive film VTA 260 50 g/m2 
• UD prepreg 70 g/m2, 0 and 90° 
• Non-perforated non-adhesive film, with fiber tows to drain air on the sides 
• Breather cloth 
• Plastic grid for better air circulation 
• Vacuum bag 
In a second step, pressure changes were measured with a peel-ply and perforated film 
allowing air circulation through the skin. The following lay-up was used: 
• Honeycomb 29 kg/m3 
• Adhesive film VTA 260 50 g/m2 
• UD prepreg 70 g/m2, 0 and 90° 
• Peel-ply 
• Perforated film 
• Breather cloth 
• Plastic grid for better air circulation 
• Vacuum bag 
This solution ensured a better vacuum in the honeycomb, but some resin from the 
prepreg flowed into the peel-ply, and this decreased the strength of the skin (see 
section 6.1). In order to avoid the resin flow, a test was made by using a semi-permeable 
membrane to pump air without resin. The following lay-up was used:  
• Honeycomb 29 kg/m3 
• Adhesive film VTA 260 50 g/m2 
• UD prepreg 70 g/m2, 0 and 90° 
• Semi-permeable membrane  
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• Perforated film 
• Breather cloth 
• Plastic grid for better air circulation 
• Vacuum bag 
6.2.2. Results 
Figure 6-2 and Figure 6-3 show changes in pressure in the honeycomb and the 
temperature during curing cycle. In the case of non-perforated film, vacuum was applied 
during 60h before the curing cycle at 120°C began. The absolute pressure under the 
vacuum bag was ~0.02 mbar. The pressure in the honeycomb cell decreased only 
slowly, showing that air circulation between the honeycomb cell and the space under the 
vacuum bag was low. After 12 hours of applied vacuum, the pressure in the honeycomb 
was still at 350 mbar, decreasing to 230 mbar after 60h. In addition, during curing, 
pressure in the cells increased to 0.4 bar due to arise in temperature causing air 
dilatation and resin degassing. After curing, the vacuum in the honeycomb cells was 
released voluntary using the valve, and then applied again, but the pressure in the 
honeycomb decreased very slowly, which means that the lay-up was almost air-tight. 
 
These results indicate that the pressure measured under the vacuum bag during 
processing of the panels does not match the pressure in the honeycomb cells, even after 
long vacuum application. Furthermore, the pressure in the honeycomb during sandwich 
panel processing cannot be predicted by using the present set-up, because the air is 
drained from the sides through the tows, and the surface to drain is much larger in the 
real panels fabricated. Also, air could circulate between the cells on the tool side in the 
permeation set-up, which is not the case when the panels were fabricated with both 
skins in one shot. A small air path through the skin in the permeation set-up would 
allow pressure to be decreased in all the cells, whereas it would only affect a few cells 
in a sandwich panel closed by both skins. The vacuum in the cells in the centre of a 
large sandwich panel will therefore never be better than that measured using the present 
set-up and the relative pressure exerted on the skin at 120°C will be, at a maximum, 0.6 
bar if full vacuum is applied under the vacuum bag. 
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Figure 6-2: changes in pressure in the honeycomb with an absolute pressure of 0.02 mbar under the 
vacuum bag. For the panel with non-perforated film (left), the curing cycle began after 64 h. The 
vacuum was released in honeycomb cells after curing, and then applied again. For the panel with 
peel-ply and perforated film (right), the curing cycle began after 20 h. The vacuum was partially 
released in honeycomb cells during curing, and then applied again (pressure peaks on the graph) in 
order to observe changes in permeability. 
When a perforated film and peel-ply was used, the pressure in the cells decreased 
rapidly and stabilized around 100 mbar. During curing, the vacuum was partially 
released and then applied again in order to observe changes in permeability. The 
pressure decreased rapidly each time showing good air circulation during and after 
curing. The use of peel-ply and perforated film ensured good pressure control in the 
honeycomb cells, but a large amount of the prepreg resin (up to 40%) flowed into the 
peel-ply and bleeder, and this decreased the mechanical properties of the skin. 
The use of a semi-permeable membrane to avoid resin flowing out of the prepreg did 
not improve the control of the vacuum in the honeycomb cells. After 16h applied 
vacuum, the pressure was still at 300 mbar (Figure 6-3). When the vacuum was released 
and applied again during curing, the pressure did not decrease, but, on the contrary, 
increased due to temperature rise. The pressure only decreased during cooling. After 
curing, vacuum was released and applied again, but the pressure did not decrease, 
showing that the membrane became completely air tight, probably due to the presence 
of resin which filled the microscopic porosities. 
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Figure 6-3: changes in pressure in the honeycomb with a pressure of 0.02 mbar under the vacuum 
bag for the panel with a semi-permeable membrane. The curing cycle began after 16 h. The 
vacuum was partially released in honeycomb cells during curing (shown by the vertical segment in 
the pressure curve) and then applied again in order to observe the permeability. 
These different tests showed that there is no easy solution to the problem of controlling 
pressure in the honeycomb cells without taking out some prepreg resin in one-shot 
vacuum curing. On one hand, with non-perforated film, no prepreg resin is lost, but the 
pressure in the cell is not well controlled. On the other hand the use of peel-ply ensures 
better control of the pressure, but takes lot of resin out of the prepreg. A potential 
solution is to use perforated honeycomb (however, not available with Nomex®), but 
with the potential problem of humidity uptake in the honeycomb during use, unless the 
panel sides are sealed after processing. 
6.3. Influence of pressure on skin waviness and fillet size 
Sandwich structures with thin skins usually break due to failure of the skin under 
compression. As observed previously (sections Chapter 5 and 6.1), the wrinkling 
phenomenon, i.e. local buckling of the skin into the core (represented in Figure 6-4) is 
often the dominant failure mode. Sensitivity to this particular mode is increased by local 
defects of the skin. In particular, skin waviness, resulting from one-shot curing under 
vacuum also known as telegraphic effect [16] as illustrated in Figure 6-4, reduces the 
compression strength of the skin. Therefore, the relation between skin waviness and its 
strength was investigated. As applied pressure was responsible for the waviness, the 
relation between pressure applied during processing, waviness, and strength was 
investigated.  
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Figure 6-4: (Left) wrinkling phenomenon in 4-point bending tests. (Right) skin waviness due to one-
shot vacuum bag curing. 
To measure the effect of skin waviness, beams with one smooth face and one wavy face 
were fabricated. Three different kinds of samples were fabricated. In all cases, the skins 
were made of 70 g/m2 of carbon prepreg, and the core was Nomex® honeycomb from 
Euro-Composite. For the first type of sample the adhesive used to bond the skin to the 
core was a 150 g/m2 Redux 382H adhesive film from Hexcel, while the other samples 
were produced with 50 g/m2 VTA 260 adhesive film. 
The first samples were designed to create maximum waviness in order to observe 
clearly its effect. To this end, the skin comprised a single layer of UD prepreg and a 
thick adhesive layer in order to favor fiber sliding, a prerequisite for wave formation. To 
ensure a well pronounced and regular waviness of the skin, without using the autoclave 
technique, it was necessary to ensure a good vacuum in the honeycomb cells. Therefore, 
the panels were fabricated in two steps. The wavy skin was fabricated first. The 
honeycomb was laid onto a plate with a breather cloth in-between channeling the air 
under the honeycomb. The adhesive film and carbon prepreg were then laid onto the 
honeycomb. A non-perforated film was laid directly onto the carbon to avoid leakage of 
resin, and to allow the resin percentage in the skin to be controlled, and finally the 
vacuum bag was placed in position. The panel was cured with a relative vacuum 
pressure of -0.9 bar. Another panel was fabricated with only a -0.1 bar vacuum (for 
curing both the first and second skin) in order to observe the effect of reduced vacuum 
pressure.  
For the second skin, the carbon prepreg and adhesive film were laid directly onto the 
flat Al plate, ensuring a flat surface. Honeycomb was laid on top of it and cured under 
vacuum. Table 6-1 summarizes the stacking of the different layers during curing. 
Samples of the second type were produced to study the influence of processing pressure 
on the strength of a panel of a more conventional type. The skins were made with two 
plies of prepregs at 0° and 90°. To allow the vacuum level in the honeycomb cells to be 
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controlled during curing, the panels were processed in two steps as in the case of the 
first type of samples; the stacking is described in Table 6-2. The breather cloth and 
plastic grid on top of the panel were not useful for draining air during the first cure 
because the air was drained below the honeycomb, but it was nevertheless included in 
order to have the same stacking on the surface as for conventional one-shot vacuum 
processing. Five different relative vacuum pressures were used: -0.1; -0.3; -0.5; -0.7; -
0.9 bar. The second skin was cured on the Al plate using -0.9 bar vacuum pressure. The 
vacuum was applied during 5 hours before the second curing cycle began. 
Table 6-1: stacking of the different layers during the two cures of the first type of sample 
First cure Second cure 
Al plate 
Breather Cloth 
Honeycomb 
150 g/m2 adhesive 
0° UD prepreg 
Non-adhesive film 
Vacuum bag 
Al plate 
0° UD prepreg 
150 g/m2 adhesive 
Honeycomb 
Cured carbon skin 
Non-adhesive film 
Breather cloth 
Plastic grid 
Vacuum bag 
Table 6-2: stacking of the different components during the two cures of the second type of sample 
First cure Second cure 
Al plate 
Breather Cloth 
Honeycomb 
50 g/m2 adhesive 
90/0° UD prepreg 
Non-adhesive film 
Breather cloth 
Plastic grid 
Vacuum bag 
Al plate 
0/90° UD prepreg 
50 g/m2 adhesive 
Honeycomb 
Cured carbon skin 
Non-adhesive film 
Breather cloth 
Plastic grid 
Vacuum bag 
 
The third type of sample was fabricated with the same lay-up as the second type, but in 
one shot, as described in Figure 5-1. Various vacuum pressures (-0.1, -0.5, -0.7, -0.9 
relative pressure) were used, as for the second type of sample, but as explained in 
section 6.2, the absolute pressure in the honeycomb cells could be considerably higher 
than that under the vacuum bag because the cells were closed by the skins. The vacuum 
was applied during 12h before the curing cycle began. 
 
The waviness of the skin was measured either on micrographs of cross-sections of the 
sandwich structures prepared as explained in section 3.2.2, or with a laser scanning 
profilometer. This second technique could only be used with the first type of sample 
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because only the skin surface which was cured directly against plastic vacuum bag was 
sufficiently smooth. For the two other types of sample, the breather cloth between the 
skin and the vacuum bag created roughness on the skin which made the use of a laser 
profilometer inaccurate. The height measured for the waviness was the height difference 
between the top of honeycomb cells and the lower point of the skin in the middle of the 
honeycomb cell, as represented in Figure 6-5. The size of the adhesive menisci was also 
measured on the samples of the second and third type, and the weight of adhesive in the 
meniscus calculated accordingly to section 4.1. 
 
 
Figure 6-5: measurement of the amplitude of the waves on the micrographs of cross-sections 
 
A significant difference in the quality of the wavy and smooth skins can be observed in 
Figure 6-6 which shows micrographs of cross-sections of the skins of the first type of 
sample. Bending of the honeycomb cell walls due to applied pressure can also be 
observed. This phenomenon can decrease the compressive strength and modulus of the 
core, and this then decreases the wrinkling strength of the skin. 
 
 
Figure 6-6: Cross-section of the first type of sample. The upper skin is wavy, the lower is smooth. 
Some honeycomb cell walls are clearly bent due to the pressure applied during curing. 
The use of a laser scanning profilometer allowed the waviness of the skin to be 
quantified by measuring the depth of the wave and thus obtaining a 3D surface image, 
as illustrated in Figure 6-7. The maximum depth of the wave measured with -0.9 bar 
relative vacuum pressure was 370 μm, whereas it was only 160 μm with -0.1 bar. 
Furthermore, surface scanning also shows that some honeycomb cell walls collapsed 
due to the pressure. In fact, the cell walls in the ribbon direction, which are of double 
thickness, are clearly visible (pink color), while some single cell walls are crushed and 
6 mm 
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therefore not visible. This indicates that -0.9 bar vacuum pressure, coupled with a curing 
temperature of 120°C, can damage the core even though its compressive strength is 
theoretically 10 times higher than the applied pressure at room temperature (see 
section 5.1). 
 
Figure 6-7: scanning of the skin surface of a sample of the first type cured with -0.9bar relative 
pressure in order to measure the shape of the waviness. The arrow indicates the ribbon direction of 
the honeycomb. 
Figure 6-8 shows micrographs of cross-sections of the second type of sample cured 
using various pressures in two steps, and Figure 6-9 and Figure 6-10 are micrographs of 
the wavy and smooth skins of the third type of sample cured in one shot. A clear 
dependence between process pressure, skin waviness, and fillet height can be observed. 
Waviness and fillet size both increased with pressure exerted on the panel. As scattering 
of the measurements of waviness shown in Figure 6-11 was quite high, about 30 
measurements were made for each pressure in order to obtain reliable data. The 
waviness of the samples cured in two steps was always higher than measured on the 
samples cured in one shot. This is due to the higher pressure difference between the 
inside of honeycomb cells and atmospheric pressure in the case of two-step curing. It is 
important to remember that the pressure represented in the figures is the relative 
pressure in the vacuum bag. The actual absolute pressure in the honeycomb cells may, 
however, be significantly higher that the absolute pressure in the vacuum bag during 
one-shot vacuum bag curing, due to the low permeability of the skins and the 
consumables closing the cells on both sides. On the samples cured in two steps, 
waviness increased rapidly with mounting pressure and was already about 40 μm with -
0.1 bar of relative vacuum pressure. As waviness should be 0 when no pressure is 
applied, the data were fitted with a power law of the pressure applied. For the samples 
cured in one shot, a linear fit going through the origin was chosen. The fits for both one- 
shot and two-step curing represented in Figure 6-11, correlate well with the 
Collapsed cell walls 
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experimental data, so that the functions giving skin waviness as a function of process 
pressure were used in a model for the prediction of failure load as a function of process 
pressure. 
 
 
 
 
 
Figure 6-8: Micrographs of cross-sections of the wavy skin of sandwich panels cured in two steps. 
The wavy skin was cured with relative pressures ranging from -0.9 to -0.1bar in the vacuum bag. 
 
 
 
 
Figure 6-9: Micrographs of cross sections of the wavy side of sandwich panels cured in one shot. 
The relative pressure applied during vacuum curing is indicated in bar on the pictures 
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Figure 6-10: Micrographs of cross sections of the smooth side of sandwich panels cured in one shot. 
The relative pressure applied during vacuum curing is indicated in bar on the pictures 
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Figure 6-11: Amplitude of skin waviness measured on cross-sections as a function of process 
pressure for the samples cured in one shot and in two steps 
On the samples cured in one shot, the face on the vacuum bag side had pronounced 
waviness of the two prepreg layers, while in the face on the mould side, the outer layer 
was flat but the inner layer was wavy, especially with high process pressure. The face 
was well-compacted under the honeycomb cell walls, but not in the middle of the 
honeycomb cell where a gap remained between the layers. The process pressure has 
thus also an influence on the quality of the smooth skin.   
2mm 
a) -0.9 
b) -0.7 
c) -0.5 
d) -0.1 
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Figure 6-12 shows the adhesive weight in the menisci calculated with the measured 
menisci height for samples cured in two steps and in one shot. The size of the menisci 
was always higher in the samples cured in two steps due to the lower relative pressure in 
the honeycomb cells (better vacuum) as explained previously. For the samples cured in 
two steps the size of the adhesive menisci forming between core and skin increased 
between -0.1 and -0.3 bar pressure in the vacuum bag and then stabilized. In fact, when 
a sufficient pressure level is exerted by the honeycomb cell walls, the skin is compacted 
under the honeycomb cell walls and prepreg resin in addition to the 50 g/m2 adhesive 
film flows into the menisci. This explains why the adhesive weight in the menisci was 
greater than 50 g/m2. Of course the amount of resin is limited, and therefore the 
meniscus size does not change any more once a sufficient pressure level is reached. 
When low pressure is applied, the menisci form only with the adhesive film near the cell 
walls, while a certain amount stays on the prepreg in the center of the honeycomb cell. 
To fit the data by taking into account these phenomena, a function was chosen that 
started with a finite adhesive weight and then grew asymptotically to the limit adhesive 
quantity. A first order exponential decay was thus fitted to the experimental data.  
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Figure 6-12: Adhesive weight in the menisci as a function of process pressure for the samples cured 
in one shot and in two steps. 
For the samples cured in one shot, the increased fillet size linked to low relative 
pressure in the vacuum bag is due to several phenomena. Firstly, as for the samples 
cured in two steps, increased pressure pushes the cell walls against the prepreg, and the 
resin of the prepreg flows out and participates in fillet formation. Secondly, as the 
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vacuum is not good in the honeycomb cells, due to low permeability of the-lay up, as 
explained in section 6.2, the pressure in the cells increases when temperature increases. 
Some air flows out of the cells through the skin and this forces adhesive and prepreg 
resin to flow out too. This can be seen in Figure 6-9 d) where a layer of resin is on the 
top of the prepregs of the panel cured with -0.1 bar relative pressure in the vacuum bag. 
This flowing effect was more pronounced on the vacuum bag side that on the Al mould, 
which explains why the resin fillets were greater on the mould side than on the vacuum 
bag side, as shown in Figure 6-12. As the amount of adhesive available for meniscus 
formation is limited, an asymptotic function was chosen to fit the experimental data, as 
for the samples cured in two steps. The functions fitting the measurements for both one-
shot and two-step curing are represented in Figure 6-12. The exponential decay function 
used to fit the data obtained with the samples cured in one shot is negative, and has no 
physical meaning at pressure between -0.05 and 0. However, as this pressure range has 
no interest for processing, the function is valid in the useful range. 
 
To further demonstrate the mechanisms increasing meniscus size with pressure exerted 
on the panel, it was shown that the vacuum quality has no effect on the meniscus size 
when the honeycomb cells are open and the pressure applied on the panel is constant. 
To this end, two layers of prepreg and a 50 g/m2 of adhesive film were laid on an Al 
plate. Honeycomb was laid onto it and pressed with a weight. The samples were cured 
at 120°C, once in a vacuum oven, once with atmospheric pressure. The height of the 
menisci was the same in both cases, as illustrated on the micrographs of cross-sections 
in Figure 6-13. This demonstrates that vacuum quality has no effect when the cells are 
open. So only the difference of pressure between inside the honeycomb cells and 
outside the vacuum bag has an effect on meniscus size. 
 
 
Figure 6-13: cross sections of sandwich samples cured at atmospheric pressure (upper picture) and 
under vacuum atmosphere (lower picture), with open honeycomb cells allowing air circulation. 
2mm 
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It was also observed that the menisci were smaller when curing was carried out under 
pressure exerted by a small weight instead of under a good vacuum. This confirms that 
the squeezing of the prepreg under the honeycomb cell walls under high pressure forces 
the resin to flow out of the fiber bed and to go partly into the resin fillets. 
 
The production of the sandwich panels in two steps also highlighted the need to create 
sufficient vacuum in the honeycomb cells to have good core-to-skin bonding. In fact on 
three of the 8 panels fabricated, a large area of the second skin was debonded in the 
center of the panel (10-15 cm diameter) right after processing. This was due to a very 
bad vacuum in the honeycomb cells during second curing, confirming that the first 
cured skin was air tight. The -0.9 bar relative vacuum pressure during 5 h was not 
sufficient to remove air from the cells enclosed between the cured and the uncured skin 
on the Al mould. The air entrapped in the cells expanded during curing and the 
degassing resin created supplementary pressure so that it almost prevented the contact 
between the skin and the core. Thus, if such a two-step process is used with non-
perforated honeycomb, the first cured skin would have to be sufficiently permeable to 
allow air to drain out of the honeycomb cells for the second cure in order to avoid 
potential early debonding. 
6.4. Influence of process pressure on stiffness 
The sandwich beams underwent 4-point bending tests to evaluate the influence of 
waviness of the skin, and thus pressure, on the strength and stiffness of the structure. 
Stiffness of the second type of sample was measured. Deflection in the center of the 
beam was recorded with an LVDT fixed on the loading points, enabling the bending 
stiffness to be directly calculated with equation (2.57). Figure 6-14 shows that the 
bending stiffness decreased when process pressure increased. This can be explained by 
the increased waviness of the skin, which reduced the tensile and compressive stiffness 
due to misalignment of the fibers. However, the variations were small and the standard 
deviation was high, so that it is difficult to evaluate quantitatively the effect of waviness 
on the stiffness. The bending stiffness predicted by CLT is 8.4 Nm2, which is close to 
the measured value with low waviness of the skin, and thus corresponds well to the 
sandwich with perfectly flat skins. 
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Figure 6-14: Changes in bending stiffness as a function of process pressure 
 
6.5. Influence of process pressure on strength 
As the face under compression usually broke first during 4-point bending tests, some of 
the beams were tested with the smooth side under compression, others with the wavy 
skin under compression. The samples broke mainly due to wrinkling failure of the skin 
under compression. Some samples of the third type, cured in one shot with -0.1 bar 
relative pressure in the bag, broke due to debonding of the faces, either on the upper or 
lower side of the structure. Therefore in order to compare the influence of waviness and 
meniscus size on local instabilities, the mean failure load was measured taking into 
account only failure due to wrinkling between the loading points. 
 
Reduction of the compressive strength of the skin due to skin waviness was significant 
in the first type of sample. The reduction in strength for the samples cured with -0.9 bar 
relative pressure was 24%, while the reduction was only 3%, i.e. smaller than the 
standard deviation, when the panel was cured with -0.1 bar relative pressure, as 
illustrated in Figure 6-15. In addition, a reduction of the pressure for the second cure 
decreased the strength of the smooth face, probably due to bad compaction of the skin. 
It can be observed that stresses at failure of the skins were high in comparison to those 
occurring in similar samples in section Chapter 5, but this is easily explained by the 
very thick adhesive film (150% of the prepreg thickness) which reinforced and 
stabilized the skin, as explained in section Chapter 5, but was not taken into account in 
stress calculation. 
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This type of samples, manufactured on purpose to create an exaggerated waviness, thus 
illustrated well that curing under full vacuum pressure is not optimal for such light 
sandwich structures, and that optimal pressure has to be found. 
 
Figure 6-15: effect of skin waviness on the compressive strength of the skin for the first type of 
sample. The pressure indicated is the relative vacuum pressure during processing. 
The two competing factors, namely waviness and meniscus size, both have a direct 
influence on bending strength. Figure 6-16 represents the compressive load at failure in 
the skin as a function of relative pressure in the vacuum bag for the samples cured in 
two steps and in one shot. On the samples cured in two steps, the strength of the beams 
increased between -0.1 and -0.3 bar and then decreased from -0.3 to -0.9 bar. The 
strength increase was due to the quick increase of adhesive quantity in menisci between 
-0.1 and -0.3 bar. The adhesive quantity then stabilized and the increasing waviness of 
the skin decreased the strength of the face between -0.3 and -0.9 bar. For the samples 
cured in one shot, the strength of the wavy skin was low at low process pressure (-0.1 
bar relative pressure in the vacuum bag) due to very small adhesive fillets, poor skin-to-
core bonding and also bad skin compaction. The strength increased by increasing the 
processing pressure (-0.1 to -0.7 bar relative pressure in the vacuum bag) because 
adhesive fillet size increased, but it then decreased due to more pronounced skin 
waviness (-0.7 to -0.9 bar relative pressure in the vacuum bag). An optimal process 
pressure giving the best compromise between these two competing factors could thus be 
determined. The optimal relative pressure in the vacuum bag identified experimentally 
was -0.3 bar for the samples cured in two steps and -0.7 bar for the wavy skin of the 
samples cured in one shot.  
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Figure 6-16: Changes in the compressive load per unit width of the face at failure during a 4-point 
bending test as a function of process pressure for the samples cured in two steps (left) and in one 
shot (right), with the wavy face under compression. The failure loads predicted by the different 
models are represented. 
The analytical model based on the model of Gutierrez and Webber [39] for wrinkling 
load prediction, which was adapted in section 5.2 to take into account the amount of 
adhesive in menisci and the preliminary deformation of the skin, was used to predict the 
failure load of the skin as a function of the processing pressure. To this end, the fitting 
function relating pressure and adhesive quantity in the menisci was firstly integrated 
into the model in order to predict skin bending stiffness as a function of process 
pressure. Secondly, the function relating process pressure and skin waviness was 
integrated to determine the value of the parameter W0. However, the amplitude of the 
waviness measured in the panels, Wmeas, could not be used directly for W0, because the 
wave measured had a width limited to the cell size, since the skin was maintained flat 
on the cell walls, while the wave extended across the full width of the beam in the 
model. This discontinuity of the wave in the width direction significantly reduced the 
sensitivity to waviness of the structure, and a reduction factor was determined so that 
the theoretical strength correlated well to the experimental data of the samples cured in 
two steps (second type of samples) expressed by  
 
0
25measW
W
χ = =  (6.1) 
Figure 6-16 shows changes in the critical compressive load per unit width in the skin 
calculated according to the models for the different types of failure as a function of the 
process pressure. Among the models predicting the different possible failure types of 
the skin under compression, the one considering compressive failure of the core predicts 
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the lowest failure load. In fact, this mode is the most sensitive to the initial 
imperfections of the skin and therefore determines the failure load of the beam. Only 
with low process pressure for one-shot curing (-0.1 to -0.2 bar relative pressure in 
vacuum bag) is the wrinkling load lower. With the parameter χ defined in equation (6.1)
, the model giving the critical load for core compressive failure is in good agreement 
with the experimental data for both the 2nd and 3rd types of sample. For the samples 
cured in two steps, only the critical load measured for the panel cured with -0.9 relative 
vacuum pressure shows 8% deviation. However, the significant decrease of the 
measured strength between the panels cured at -0.7 and -0.9 bar is not well understood, 
as the adhesive weight in menisci is almost the same and the waviness only slightly 
more pronounced. 
For the samples cured in one shot the model slightly overestimates the failure load at 
-0.1 bar relative vacuum pressure, but as the models do not take into account bad 
compaction of the skin due to low pressure, this is understandable. It slightly 
underestimates the failure load for the other processing pressures, but the error is in the 
order of 5%, which is very reasonable. 
Furthermore, the curves showing the critical load for core compressive failure depict 
exactly the same tendencies as the experimental data for both curing processes. In fact, 
the load increases first when the relative vacuum pressure is decreased, then reaches a 
maximum and finally decreases. As for the experimental data, the optimal pressure in 
the vacuum bag for the sandwich panels cured in two steps is -0.3 bar, whereas it is 
~-0.7 bar for the panels cured in one shot. However, for the panels cured in one shot, the 
strength variation between -0.5 and -0.9 bar relative vacuum pressure is small, so that 
this pressure zone can be considered as optimal. 
 Finally, the critical failure mode predicted by the model as the compressive failure of 
the core is confirmed by observing the broken samples where the skin crushed the core, 
as illustrated in Figure 6-17. 
 
Figure 6-17: failure mode observed in 4-point bending. The skin crushed the core as a result of the 
compressive stresses caused by initial waviness of the skin. 
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As the predictions of the model correlate well to the experimental data, these can then 
be used to predict what happens if supplementary pressure is added during one-shot 
curing by using an autoclave. The predicted failure load is represented in Figure 6-18 as 
a function of the process pressure, i.e. the pressure difference between outside and 
inside the vacuum bag. At two-bar pressure (-0.9 bar relative pressure in the vacuum 
bag and 1.1 bar relative pressure in the autoclave), the strength of the beam is reduced 
by 10% compared with optimal pressure. Also the model does not take into account any 
damage caused to the honeycomb by high processing pressure, as stated with the first 
type of sample. Therefore, the model confirms that the use of supplementary pressure 
with such sandwich structures with light cores and thin skins decreases the properties 
and should be avoided. 
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Figure 6-18: Changes in the compressive load per unit width in the face at failure for a sandwich 
cured in one shot, during a 4-point bending test with the wavy face under compression, as a 
function of process pressure. 
As observed in Figure 6-10, the variation of process pressure also has an influence on 
the quality of the smooth skin. The measured strength under 4-point bending is 
represented in Figure 6-19 when either the smooth or wavy face was under 
compression. During the bending test, the smooth skin had a higher strength under 
compression than the way skin for every process pressure. Decreased fillet size 
decreased the strength at low process pressure. In addition, bad core-to-skin bonding 
and bad skin compaction at low pressure reduced the strength and caused high 
scattering of the results. Waviness of the inner ply and bad compaction of the plies in 
the center of the cells, as observed in Figure 6-10, decreased the strength with high 
process pressure. Optimal pressure was observed at -0.5 bar relative pressure in the 
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vacuum bag, but as the strength of the wavy skin was lower, the process pressure has to 
be selected for the wavy skin. 
-1.0 -0.8 -0.6 -0.4 -0.2 0.0
18
20
22
24
26
28
30
32
 Wavy skin
 Smooth skin
Co
m
p.
 
lo
ad
 p
er
 
u
n
it 
w
id
th
 
[N
/m
m
]
Relative pressure in vacuum bag [bar]
 
Figure 6-19: compressive load at failure in the face as a function of relative pressure in the vacuum 
bag during curing. Sandwich beams were tested with either the smooth or wavy face under 
compression. 
6.6. Influence of core properties on strength 
The models used to predict the failure load as a function of process pressure can also be 
used to evaluate the influence of core properties on the strength of the panel. To this 
end, various properties were varied in the model and the corresponding strength was 
calculated. Four different cases were evaluated. Firstly, the core out-of-plane 
compressive modulus was varied. Secondly, the core out-of-plane compressive strength 
was changed. Then, as in practice the different properties of the core are related, the 
compressive modulus Ecz, shear modulus Gcore, compressive strength Zc and shear 
strength Sc of the core were varied with a linear relationship as follows 
 ( ) ( ) ( ) ( )0 0 0 01 1 1 1cz cz core core c c c cE E G G Z Z S Sη η η η= + = + = + = +  (6.2) 
where the 0 indices indicate the properties of the core used in this study and η varies 
between -1 and 3. Finally, the influence of core cell size s was studied by varying the 
wavelength of the initial waviness l0, corresponding to the distance between two cell 
rows, which is related to cell size by  
 0
3
2
l s=  (6.3) 
For all four cases, one-shot curing with -0.7 bar relative vacuum pressure was 
considered in the model. 
Figure 6-20 shows changes in the compressive stress at failure in the skin predicted with 
the different models for the four different changes of core properties mentioned. For all 
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cases, only failure modes due to local instability of the skin are considered. The change 
of out-of-plane compressive Young’s modulus of the core has a high influence on the 
compressive failure load of the skin. When core modulus is doubled, the strength 
increases by 30%. As the failure cases studied are instability cases which are closely 
related to the stiffness this explains the pronounced effect of compressive modulus. 
When the modulus increases, the critical mode is the local compressive failure of the 
core caused by compressive stresses induced by the waviness of the skin. With a small 
compressive modulus, wrinkling of the skin becomes the critical loading case, and the 
preliminary waviness no longer has any effect.  
Any change of core compressive strength only affects the failure load for local 
compressive failure of the core. This mode thus remains the critical failure mode for any 
core strength. The load at failure decreases significantly when the strength of the core is 
decreased, but only slightly increases with a stronger core. Actually, the maximum 
possible load for this failure mode is the wrinkling load, corresponding to the half 
wavelength of the preliminary waviness (2.77 mm), which is in fact very close to the 
critical half wavelength providing the lowest wrinkling load (2.79 mm for Ecz = 50 MPa 
and with 50 g/m2 adhesive, see Figure 5-8). Therefore, since the wrinkling load is 
unchanged by increasing core strength, the potential failure load improvement is very 
limited. 
When the strength and modulus of the core are varied, the failure load for core 
compression changes almost linearly. The failure load increases by 55% when the core 
properties are doubled. However, with low and high core strength and modulus, the 
wrinkling load becomes the critical failure mode and the strength increase is no longer 
linear. This means that when the properties of the core are sufficient, the preliminary 
waviness of the skin does not change the failure load (considering that the waviness 
corresponds to -0.7 bar process pressure). The use of a stiffer and stronger core 
therefore facilitates processing, by causing the sandwich structure to be less sensitive to 
waviness. 
As mentioned previously, the wavelength of preliminary waviness is very close to 
critical wrinkling wavelength. Therefore the failure load is significantly influenced by 
preliminary waviness. By slightly increasing or decreasing the cell size, the preliminary 
wavelength moves away from critical wavelength, so that sensitivity to the preliminary 
waviness is decreased and the failure load is increased. However, the wrinkling load 
does not change with cell size (the core being considered as a continuous elastic 
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foundation), and thus this limits the gain in strength. Furthermore, by modifying the size 
of the cells, the reduction factor χ, relating the measured waviness and the amplitude in 
the model, may also change, and thist could significantly influence the results. 
Moreover, when cell size is increased, intra-cell buckling may become critical and 
should be considered. 
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Figure 6-20: Compressive load per unit width in the skin at failure as a function of: a) out-of-plane 
compressive modulus of the core, b) out-of-plane compressive strength of the core, c) linear 
variation of compressive strength and modulus, and shear strength and modulus, d) honeycomb 
cell size. The vertical dash/dot lines show the actual properties of the core used. 
 
6.7. Conclusions  
• Varying process pressure has two distinct effects on the microstructure of 
sandwich panels. An increased process pressure increases waviness but also 
increases the adhesive fillet size between honeycomb cell walls and skin. These 
two different phenomena have conflicting effects on the flexural strength of the 
sandwich beams. Pronounced skin waviness decreases the strength and stiffness, 
a) b) 
c) d) 
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while greater menisci increase the strength. An optimum pressure giving the best 
compromise between these two effects, and thus the highest strength, has been 
identified. For traditional one-shot vacuum bag curing, the highest strength was 
obtained with a relative pressure in the vacuum bag between -0.5 and -0.9 bar.  
• The analytical models developed correlates well with the experimental results 
and show that curing with a higher processing pressure than full vacuum 
pressure leads to a decrease in strength and should be avoided with these 
ultralight structures. The models also show that an increase of core strength and 
stiffness significantly increases the failure load of the skin under compression. 
Moreover, a stronger and stiffer core reduces sensitivity to initial waviness of 
the skin.  
• During one-shot vacuum bag curing the two faces closing both sides of 
honeycomb core prevented the air from being sufficiently evacuated from the 
honeycomb cells. If pressure in the vacuum bag was not sufficiently low, the 
increase of pressure inside the honeycomb cells during curing forced the 
adhesive to flow out at the surface of the skin, and in the worth case almost 
prevented contact between core and skin, thereby creating debonds in the 
sandwich panels.  
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CHAPTER 7. ASYMMETRIC SOLAR SANDWICH 
STRUCTURE 
 
 
In applications requiring light solar panels such as solar aircraft, solar cars or satellites, 
the solar cells are often glued onto very light sandwich panels which provide sufficient 
stiffness [177-183]. To save more weight, the possible use of the solar cells to form the 
skin of the sandwich structure was investigated. The high elasticity modulus of silicon 
(130-190 GPa depending on direction) can provide very high stiffness to the sandwich 
structure. Furthermore, the low thickness of the cell makes it compatible with classic 
CFRP skins. However, the brittleness of silicon, and thus the low strength of the cells, 
limits the load-carrying capacity of this structure.  
In usual applications, solar cells are protected against mechanical loading by the 
encapsulation with a glass panel. Therefore, the only mechanical prerequisite of the 
cells is to survive the manufacturing process. In the concept of the solar sandwich 
structure the solar cells are, however, load-carrying elements and it is thus necessary to 
know precisely the strength of the cells. The mechanical properties of high efficiency 
silicon mono-crystalline cells, which may be used for such a sandwich design, were 
therefore studied. The influence of texturation of the surface of solar cells on their 
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strength, and the potential reinforcement provided by a polymer encapsulation were also 
investigated. 
The integration of the cells as structural skin element of the sandwich was then carefully 
studied, following four main steps. Firstly, the bonding of Ag back-contact of the solar 
cells onto a Nomex® honeycomb core was investigated. Secondly, the tensile strength of 
solar cells integrated into the sandwich was evaluated in order to detect eventual 
strength loss during sandwich manufacturing. In a third step, a stress transfer device 
between cells was developed. Finally, curved panels were fabricated to demonstrate the 
feasibility of producing curve-shaped panels to fit, for example, wing profiles. 
In addition, a potential lightweight polymer encapsulation was investigated in order to 
protect the cells against environmental attacks. 
 
7.1. Mechanical analysis of solar cells 
The solar cells tested were mainly the S32 type with an inverted pyramidal surface 
texture, as described in section 3.1.4. Cells without a texture of the type 2PR/200-6540 
were also tested in bending to evaluate the influence of texture on strength. To observe 
the effect of the encapsulation on their strength, solar cells were encapsulated on the 
front active side of the cell at room temperature with 12 μm PET film and silicone 
adhesive Sylgard 184, as described in section 7.6, and tested. 
The cells were firstly tested in 3-point bending, as described in section 3.2.8. Figure 7-1 
shows a bent cell with high deformation due to the thinness of the cell. The cells were 
tested with the silicon active side, as well as the silver coated side, in tension in order to 
observe the quality of both front and rear surface. As cracks propagate mainly under 
tension, the cell should fail due to defects on the face under tension or on the edges. So 
the bending test enabled the strength of the two faces to be measured separately. 40 
textured cells and 10 smooth cells were tested on each side. Three encapsulated cells 
were tested with the active side in tension. 
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Figure 7-1: (left) 3-point bending test on solar cells, (right) tensile test on solar cell. Two steel plates 
with beveled edges were glued onto each side of the solar cell. 
As the solar cells underwent high deformation during the bending test, simple linear 
beam theory was not sufficient to calculate the stress on the cells. A model similar to the 
one developed by Schoenfelder et al. [144] was used to take the large deflections into 
account. With the classic linear beam theory, the maximum moment in the centre of the 
cell is  
 
3
max 4
PLM =  (7.1) 
where P is the load applied, and L3 the span. The maximum stress at the surface of the 
cell is then  
 
max max
max 2
6
2
M t M
I Bt
σ = =  (7.2) 
where I is the inertia moment of the cell in flexion, B the width, and t the thickness of 
the cell. 
When the deformations are larger, the orientation of the reaction forces, the effective 
span and the effective displacement change. Figure 7-2 illustrates the difference 
between small displacements approximation and large displacements model. The 
reaction force becomes 
 
2cos( )
PR φ=  (7.3) 
In order to approximate the angle φ, the deformed shape of the cell is assumed to follow 
linear beam theory and is expressed as 
 
2 33
3
3
4 3( )
2
Ly x x x
L
δ ⎛ ⎞
= −⎜ ⎟⎝ ⎠  (7.4) 
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where δ is the deflection at the centre, and the axes are defined in Figure 7-2. The angle 
φ is then defined by 
 ( ) 3
3
3
tan '
2
Ly
L
δφ ⎛ ⎞= =⎜ ⎟⎝ ⎠  (7.5) 
The moment under the loading point can then be calculated as 
 ( ) ( )( )
2
max
sin 3
sin
4 4 2cos 4 2
corcor cor cor cor
cor
cor
PPL PL PL PM R
L
φ δ δφ δ φ= + = + = +  (7.6) 
with  
 ( )3 2 sincorL L r φ= −  and ( )( )1 coscor rδ δ φ= − −  (7.7) 
If the friction on the supporting pins is disregarded, the maximum stress can then be 
calculated with equation (7.2). Using an FE simulation, Schoenfelder et al. [144] 
showed that the influence of friction on stress is very small and can be ignored. 
 
Figure 7-2: 3-point bending test on a flexible solar cell. With small deformations (left), the 
supporting points are fixed, while with large deformations (right) the supporting points rotate 
around the loading pin, and the reaction forces, R, change the orientation. 
In order to calculate the stresses, an accurate measurement of the thickness was 
necessary. The thickness was therefore measured with a micrometer. However, the 
thickness measured comprises the back silver layer, the texture height, and the front 
silver grid, as illustrated on the schematic cross-section in Figure 7-3. To find an 
adequate mean value for the thickness, the slope β of the load-displacement curve 
during the 3-point bending test was measured in the linear part (i.e. at small 
displacements). Using linear beam theory, this slope can be calculated as 
 
3 3
3 3
3
1
48 4Si Si th
L L
P E I E Bt
δ
β= = =  (7.8) 
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with tth the thickness of an equivalent homogenous silicon rectangular section. Knowing 
that the Young’s modulus in the [100] direction (length direction of the cell) of the 
silicon is 130 GPa, the equivalent thickness is 
 
3 34th Si
t L
E B
β
=  (7.9) 
The mean stress on the cell surface can then be calculated with this equivalent 
thickness. Of course, this does not take into account the local stress concentrations due 
to texture, but this is analyzed in detail in the next section. Moreover, the silver layer on 
the back side is not taken into account, but its influence is negligible, as explained in 
appendix 9.2. 
 
Figure 7-3: schematic cross-section of a solar cell. The choice of the thickness used for stress 
calculation has a significant influence on the strength value. 
 
A typical non-linear load-displacement curve is illustrated in Figure 7-4, as well as the 
difference in stress calculation between small and large displacements models. As 
silicon is a linear-elastic material, the non-linearity of the curve was only due to the 
geometrical non-linearity at high displacements. The stresses calculated using the 
corrected model were significantly higher than those calculated according to linear 
beam theory, especially at high displacements, thereby confirming the need to use the 
corrected model. 
Measured thickness tmeas= ~135 μm 
Texture height 26.8 μm 
3-11 μm Ag 
Silicon 
Back silver collector Front silver  grid 
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Figure 7-4: (left) Load-displacement curve measured during 3-points bending of solar cells. (Right) 
Maximum stress in the cell corresponding to the measured load 
Measured with a micrometer, the mean thickness of the textured cells was 133 μm, 
while the equivalent thickness, calculated to match the measured bending stiffness, was 
16 μm smaller. The equivalent thickness was then well located between the total 
thickness and the thickness without the texturation height. For smooth cells, the mean 
measured thickness was 240 μm, while the equivalent thickness calculated was 5 μm 
smaller. As the behavior of the cells was very brittle, a probabilistic approach was 
adopted in order to analyze the failure data of the solar cells. A Weibull distribution 
seemed to be adequate to match the failure strength distribution. The Weibull 
parameters could be calculated from the linear fit of the measured failure data given in 
Figure 7-5 and these are summarized in Table 7-1. The corresponding failure 
probabilities are given by  
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and are represented in Figure 7-6.  
4.8 5.2 5.6 6.0 6.4 6.8 7.2
-5
-4
-3
-2
-1
0
1
2
y=5.5582x-34.052
 Textured side in tension
 Textured side in compression
ln
(ln
(1/
(1-
P f
)))
ln(σ)
y=2.6146x-16.465
 
5.0 5.5 6.0 6.5 7.0
-3
-2
-1
0
1
y=2.2993x-14.089
y=3.8977x-23.348
 Si side in compression
 Si side in tension
ln
(ln
(1/
(1-
P f
)))
ln(σ)
 
Figure 7-5: Weibull analysis with the stress measured in bending for the textured cells (left) and 
smooth cells (right) 
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Table 7-1: Weibull parameters and mean stress at failure calculated from the failure data of the 
textured and smooth cells in bending 
Type of cell, side in tension Weibull modulus m σ0 [MPa] σmean [MPa] 
Textured, textured front side 5.5582 458 423 
Textured, silver-coated back side 2.6146 543 483 
Smooth, Si active front side 3.8977 399 361 
Smooth, silver-coated back side 2.2993 458 407 
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Figure 7-6: Failure probability of smooth and textured solar cells in bending with either front or 
back side in tension. 
 
The textured solar cells broke at a slightly higher stress when the textured side was 
under compression rather than when it was in tension. There was no dramatic reduction 
of strength due to stress concentrations caused by the texture. The slightly higher 
strength when the silver-coated back side was in tension was partly due to the fact that 
the silver layer also carried part of the tensile stresses. In fact, when the silver layer was 
taken into account for the S32 type (see appendix 9.2), the stress in the silicon under a 3 
μm silver layer was reduced by 3% compared to the case without taking silver into 
account, and by 12% with an 11 μm silver layer. These values were calculated by 
considering an elastic behavior of the silver, which was no longer the case when the 
bending deformations of the cell were high. If the silver deformed plastically, the stress 
reduction in the Si was thus less pronounced. Stress in the silicon on the textured side 
was scarcely changed by taking the silver layer into account (less than 0.2% difference). 
But as the thickness of silver is not precisely known for each cell, the exact contribution 
cannot be calculated. Another explanation for the very similar strength of both surfaces 
despite different treatments is that the critical defects could be created on the edges of 
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the cell during dicing [144]. The similar strength of textured and untextured sides is 
contrary to the measurements of Münzer et al. [148], but as they measured the strength 
by point-loading (see section 2.2.4), they did not take into account edge defects which 
are not influenced by surface treatment. Moreover, they used different texturations 
which could create more severe stress concentrations. 
The Weibull modulus was higher, i.e. the scatter of the results was smaller when the 
texture was in tension. This can be explained by the very regular etching of the textured 
face, removing most of the defects up to a given size. The size of the defects on the back 
side was less controlled and varied more, causing higher scatter.  
Even though the surface was not textured, similar behavior was measured on the smooth 
cells. The strength was slightly higher with the silver-coated back side in tension, but 
the scatter was also more pronounced. This may also be explained by a more careful 
etching of the front surface, thereby reducing scattering on the front side, and also by 
the reinforcing effect of the silver layer on the back side. The reduction of strength 
when the front face is in tension may also be partly due to the stresses caused by the 
front silver grid deposition, as reported by Schneider et al. [149] who observed up to 
30% strength reduction. 
The strength of the smooth cells was less than the strength of the textured cells. As the 
textured cells were thinner, they were more polished and etched, thereby removing more 
defects and increasing the strength. This was in accordance with the results of Kray et 
al. [145]. This also confirms that the texturing process was not responsible for the low 
strength of the cells compared to the intrinsic strength of silicon, but that more critical 
defects were present in the solar cell. 
The mean strength measured on encapsulated solar cells with textured side in tension 
was 350MPa. As only four cells were tested, no definitive conclusion could be made 
due to the brittle behavior, but it showed that no reinforcing effect was obtained with 
encapsulation. 
 
When integrated as a skin in a sandwich structure, the solar cells are loaded mainly 
under tension and compression. Therefore, in order to determine the tensile strength, 
cells were tested in tension as described in section 3.2.9. Figure 7-1 illustrates a cell in 
the loading set-up. 40 naked and 2 encapsulated solar cells were tested. 
From the failure load Fmax measured, the tensile strength was calculated as 
 Asymmetric solar sandwich structure 
 193 
 
max
tens
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Bt
σ =  (7.11) 
 with ttens the thickness of the cell. As the solar cells did not have a homogenous square 
section, the thickness used for the calculation was the thickness measured with a 
micrometer minus the height of the pyramids. This furnished a mean strength value 
which was certainly slightly overestimated, but gave a better estimation of the stresses 
in the most loaded zones. In actual fact, due to the shape of the texture pyramids, there 
were stress concentrations which are calculated in more detail in section 7.2.  
All the cells broke at a 45° angle to the loading direction, as observed on the broken 
sample in Figure 7-7. This is explained by two reasons. Firstly, this is the maximum 
shear direction, and secondly the usual breaking plan for mono-crystalline Si is the 
(111) plan. As the solar cells were cut in the (001) plane, with the two edges in the 
directions [100] and [010], the 111 plan was oriented with a 45° angle to the edges.  
 
Figure 7-7: broken solar cells after the tensile test 
Figure 7-8 illustrates the Weibull failure distribution calculated on the basis of the 
strength measured. The mean measured tensile strength was 221 MPa. This was almost 
two times lower than that measured in bending, but there was less scatter in the tensile 
test results. This lower strength could be due to several factors. Firstly, an inexact 
alignment of the loading set-up can induce stress concentrations on one edge and reduce 
the load carrying capacity. Secondly, in this test, a large zone of the solar cell was 
loaded, while in bending only a small zone supported the high bending stresses. As the 
probability to load critical surface defects increases with the area tested, this explains 
the lower strength measured in the tensile test. Lower scatter is also explained by this 
phenomenon. In fact, as a larger zone is loaded, the probability of loading similar 
critical defects in two different cells becomes higher.  
The 95% survival level, calculated with the Weibull probability curve in tension, was 
136 MPa. This value can be considered as a basic design value for the asymmetric 
sandwich structure. 
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The mean strength measured on two encapsulated cells was 230 MPa, showing no 
significant change in strength due to encapsulation. 
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Figure 7-8: Weibull analysis of the tensile strength of the solar cells. The Weibull modulus 
calculated in the left hand figure is 5.11, and σ0 is 240 MPa. The probability of failure as a function 
of the tensile stress is plotted in the right hand figure. 
 
 
7.2. Numerical analysis of stress concentrations in 
textured solar cells 
7.2.1. Stress concentration factor in pyramidal texture 
Texturation of solar cells is likely to reduce the tensile strength of the textured surface. 
This is a well known phenomenon already studied in [148]. This effect is, however, 
dependent on the texturation geometry, since different geometries can cause various 
stress concentration factors. The exact geometry of the texturation was used in order to 
predict the stress concentration factor that was possibly responsible for low global cell 
strength. 
The texture produced by photolithography and selective etching [170] of the silicon had 
a very regular pattern (see Figure 3-2). This regularity allowed the cell to be represented 
by only one texture unit in the simulation. The exact geometry of the surface texturation 
was measured with scanning electronic microscopy (SEM). In particular, the radius of 
curvature of the sharp corner of the texturation was measured on SEM views from a 
section of broken cells. Figure 7-9 shows a typical cross-section of the cell parallel to 
the texture axis. The mean measured curvature radius of the pyramid tips was 357 nm. 
This value was used for the fillet radius of all the sharp edges in the model of the 
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textured surface. To observe the sensitivity to the fillet radius dimensions, simulations 
were also conducted with double and half size radii. 
 
 
Figure 7-9: Cross-section of a broken solar cell. The breaking line is aligned with the texture. The 
radius of curvature of texture pyramid tips was measured on 10 different pictures. The mean value 
was 357 nm. 
 
 From these measurements, a CAD model was constructed, as depicted in Figure 7-10, 
and finite element simulation was conducted. In this simulation, the problem had to be 
solved in two different scales, because the cell thickness was in the order of 100 μm 
while the curvature radius at the tip of the pyramidal texturation was in the order of 
100 nm. A sub-modeling technique was therefore used. A first model was built with 
element sizes adapted to the global cell scale. This was used to calculate stresses near 
the region of interest, i.e. the sharp edges in texturation, when the cell was under tensile 
loading or cylindrical bending. A second model, representing only the region of interest, 
was then constructed, with very fine elements allowing accurate stress calculation at the 
sharp edges. The loads applied in this second model were defined with the stresses 
calculated in the first global model. For the silicon material, an orthotropic material with 
diamond symmetry was used with the following elastic constants:  
C11 =166 GPa 
C12 = 64 GPa 
C44 = 79.6 GPa 
Curvature 
radius 
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Figure 7-10: CAD model of the pyramidal texture of the solar cell. The surface texture unit 
represented on the right was studied. 
Maximal stresses were identified in the stress concentration area at the sharp edges of 
the texture, and the stress concentration factor is given in Table 7-2 by the ratio 
λ between the maximal stress and the mean stress without texture.  
 
Table 7-2: stress concentration factor λ due to the texture of the surface with different fillet radii in 
the texture. 
Fillet radius No texture 714 nm 357 nm 179 nm 
λ tensile loading 1 6.4 7.8 12.4 
λ bending 1 5.6 6.8 10.7 
 
The stress concentration factors were similar in bending and tensile loading. It did not 
change linearly with the fillet radius, but increased rapidly when the radius became 
smaller. Considering a fillet radius of 357 nm and an intrinsic strength of 6.9 GPa for 
the silicon, and providing no other defects were present, then due to the stress 
concentration factor the cell would break at a mean stress of 885 MPa in tensile loading, 
and 1015 MPa in bending. As the mean measured tensile and bending stresses were 
smaller (221 MPa and 423 MPa)), this implies that other, more critical, defects were 
present in the cells, causing early failure. This confirms the results of the bending tests, 
showing little difference between the strength of the textured and untextured faces. 
7.2.2. Effect of encapsulation on stress concentrations 
To examine the potential reinforcing effect of encapsulation, a 2D simulation of the 
texture filled with polymer was made. Figure 7-11 represents the 2D model considered 
for the calculation. Three different valley angles of 0°, 70° (texture of S32 cells) and 
110° were used, and a filet radius of 200 nm was considered at pyramid tip. When the 
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0° angle was used, representing a micro-crack in the material, the crack was filled either 
at 0 % (only a cover layer), 50 % or 100% by the polymer (from the top of the crack). 
 
 
Figure 7-11: 2D simulation of texture filled with a polymer encapsulant. A displacement was 
imposed to one edge, while the other was fixed and the stress intensity in the 200 nm fillet in silicon 
was calculated. 
The effect of the polymer encapsulation can be observed in Figure 7-12, which 
illustrates the stress reduction at the tip of pyramid texture as a function of the 
encapsulant modulus. For angles of the same order as those in the texture (70°), 
polymers with a Young’s modulus less than 1 GPa had almost no effect on stresses. The 
stress was only reduced by 35 % with a Young’s modulus of 10 GPa. Therefore, no 
reinforcing effect can be expected with a silicone encapsulant (0.01GPa).  
For sharp cracks (0° valley angle), a 40% reduction could be obtained with a polymer of 
1 GPa Young’s modulus. However, the crack had to be filled up to the crack tip in order 
to achieve an efficient stress reduction. When the crack was only filled at 50%, the 
reduction was only 15 % with a 100 GPa encapsulant, while the coating (0% filling) did 
not reduce stresses even with a 100 GPa modulus. 
Theses results showed that a high modulus encapsulant, with very low viscosity to fill 
the texturation or the crack, is necessary in order to reduce the stress concentrations at 
the tip of the texturation or crack; this is hardly attainable using polymer encapsulants. 
Silicon 
Polymer encapsulant 
Valley angle : 0°, 70°, 110° 
Fillet radius 200nm 
F F 
Crack 
filling: 
0 % 
 
50 % 
 100 % 
 
30 μm 
10 μm 
 Asymmetric solar sandwich structure 
 198 
0.01 0.1 1 10 100
0.0
0.2
0.4
0.6
0.8
1.0
N
o
rm
al
iz
ed
 
m
ax
im
al
 st
re
ss
Encapsulant modulus [GPa]
 110°
 70°
 0°
 
0.01 0.1 1 10 100
0.0
0.2
0.4
0.6
0.8
1.0
N
o
rm
al
iz
ed
 
m
ax
im
al
 st
re
ss
Encapsulant modulus [GPa]
 100% filling
 50% filling
 only coating
 
Figure 7-12: Changes in stress at the sharp tip of the texturation, as a function of the Young’s 
modulus of the polymer filling the texture, for three different valley angles (left) and for different 
amounts of filling of the 0° crack (right). The stresses are normalized by the maximum stress with 
0° angle and no encapsulation. 
 
The same 2D model was used in order to evaluate the thermo-mechanical stresses in the 
surface texture caused by the encapsulation, i.e. with a valley angle of 70°. A 
supplementary 50 μm thick layer of fluoropolymer film was added at the top of the 
model, as represented in Figure 7-11. Two different process temperatures (stress-free 
state) were used at 20 and 120°C. Maximum thermo-mechanical stresses at the pyramid 
tip were calculated at -60°C and 100°C. Two different loading cases were studied: no 
load applied, and a tensile load causing 0.17% deformation, i.e. the mean strain at 
failure calculated from tensile tests on solar cells. The thermo-mechanical properties of 
the encapsulation materials used in the simulation are given in appendix 9.3. The CTE 
of silicon was approximated linearly between 1.65 ppm/K at -60°C to 3.1 ppm/K at 
100°C, following the CTE model of Okada [171]. The simulation was conducted 
assuming a plane stress state. The real case will, however, be between plane stress and 
plane strain state. 
Thermo-mechanical stresses caused by encapsulation are low. Table 7-3 summarizes the 
thermo-mechanical stresses calculated for the various process and service temperatures 
and various loading cases. At a low temperature (-60°C), the contraction of the 
encapsulant causes compression stresses at the pyramid tip. With a process temperature 
of 120°C, this reduces the tensile stress at the pyramid tip by 11.5 % when tensile strain 
is imposed. This could therefore slightly reinforce the cell in a case where all critical 
defects are filled with encapsulant. It is thus advantageous to encapsulate at high 
temperature to generate compressive stresses in the cell, even though the effect is very 
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limited. At high service temperatures (100°C), if encapsulation is made at room 
temperature, the tensile stresses generated at the pyramid tip by the dilatation of the 
encapsulant are negligible, due to the low modulus of the polymer used at this 
temperature. Thermo-mechanical stresses in the surface texture of silicon, caused by 
encapsulation, can thus be disregarded for the design of structures integrating solar 
cells. 
 
Table 7-3: Normalized thermo-mechanical principal stresses at the tip of a pyramidal texturation 
(70° angle) for two different process temperatures, two service temperatures, and two loading cases. 
The stresses were normalized with the maximum principal stress at the pyramid tip without 
encapsulation at 0.17 % tensile strain of the cell (i.e. measured mean failure strain of cells in 
tension). 
Processing 
temperature [°C] 
Normalized stress [%] 
 T = -60°C 
Free 
T = -60°C 
Tension 
T = 100°C 
Free 
T = 100°C 
Tension 
20 -3.93 95.4 0.18 100.2 
120 -11 88.5 -0.26 99.9 
 
 
 
7.3. Honeycomb core-to-silver back-contact bonding 
To obtain good bonding of a honeycomb core onto the Ag back-contact of the solar cell, 
the formation of adhesive menisci between honeycomb cell walls and the Ag surface is 
a basic condition. In order to predict the shape of the menisci, the contact angle forming 
between VTA 260 adhesive and the silver backside of the S32 type cell was measured, 
as described in section 4.1. The sessile drops were cured at 120°C at atmospheric 
pressure. 
Due to the relatively high surface energy of silver (1.25 J/m2 [184]), good wetting of the 
silver surface by the adhesive was observed. Figure 7-13 shows a sessile drop of 
adhesive which formed from a small adhesive ball which spread on the cell during 
curing. The mean advancing angle measured was 21.6 +/- 4.4°, and the mean receding 
angle was 11.8 +/- 3.6°. The angles were not measured under vacuum, but, as stated in 
section 4.1, pressure had only a small influence on contact angle in the order of the 
standard deviation of the measurements. These angles were slightly bigger than those on 
 Asymmetric solar sandwich structure 
 200 
a carbon prepreg (15.3° and 8.5° for advancing and receding angles). This was due to 
the roughness of the prepreg, which increased the effective surface and thus improved 
wetting, as explained in section 4.1.2. The adhesive menisci forming between the solar 
cell skin and Nomex® were therefore slightly higher (i.e. the adhesive spreads further on 
honeycomb cell walls) than with carbon skin. The ratio of height over width calculated 
according to section 4.1 and considering the advancing angles at atmospheric pressure, 
were 1.07 with solar cells instead of 0.93 in the case of carbon. As it was observed in 
section 4.2 that during skin peeling from the honeycomb core, the failure initiated in the 
adhesive meniscus along the honeycomb cell wall (see Figure 4-23), it may be 
advantageous to have higher menisci to improve bonding. However, as the difference of 
contact angle is small, this effect should be limited.  
Good formation of the resin menisci was verified in the cross-sections of the samples 
tested in the next section. 
 
Figure 7-13: Advancing sessile drop of adhesive on the silver side of solar cells 
 
Core-to-solar cell bonding was then evaluated. The classic tests for measuring skin 
debonding energy (DCB, or climbing drum peel test, for example) are difficult to use 
with solar cells because of their brittleness. Two different tests were thus tried. Firstly, a 
modified climbing drum peel test was used in order to evaluate the debonding energy. 
Figure 7-14 illustrates the test used. It was very similar to the test used to measure the 
debonding energy of the carbon skin, but in the present case, the crack was initiated 
between the honeycomb and the silicon solar cell fixed onto an Al plate. The 
honeycomb core was thus peeled with the skin and therefore the stress state at crack tip 
could differ significantly from the case where the crack propagated at core / carbon skin 
interface. The debonding energy measured could not be considered as pure mode I and 
could therefore not be compared directly to the energy measured in section 4.2.  
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Figure 7-14: Modified climbing drum peel test to measure solar cell / honeycomb core debonding 
energy. 
The core used was a Nomex® honeycomb from Euro-Composite. In order to minimize 
the distance between the drum and the crack tip, it was only 2 mm thick. The carbon 
skin was made of two plies of 70 g/m2 prepreg at 0° and was bonded with 150 g/m2 
VTA 260 adhesive film. The core was bonded to the silver side of S32 solar cells with 
various adhesive weights deposited on the honeycomb, using the adhesive deposition 
method. The crack was initiated with a thin non-adhesive film placed between core and 
solar cell. 
 
During the climbing drum peel test, even with only 15 g/m2 of adhesive, the crack did 
not propagate at the interface between solar cell and honeycomb; instead, the 
honeycomb tore and the crack moved to the carbon skin / honeycomb interface. At this 
interface, the honeycomb tore above the resin menisci formed with the 150 g/m2 
adhesive film, as observed in section 4.2. Figure 7-15 shows the debonding energy 
measured in the climbing drum peel test, which was thus independent of the adhesive 
weight at the solar cell / honeycomb interface. Only one sample was measured for each 
adhesive weight, which explains the variations in the measurements. The debonding 
energy compares well with the tearing energy of Euro-Composite honeycomb as 
measured in section 3.3. 
Al plate 
Carbon skin Nomex® 
honeycomb 
Adhesive layers 
Drum 
Solar cell 
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Figure 7-15: Debonding energy measured with climbing drum peel test 
As mentioned previously, during the climbing drum peel test, the stress state at solar 
cell / honeycomb interface did not correspond exactly to mode I crack propagation. So, 
even though no debonding occurred at this interface, it could not be concluded that the 
GIC of this interface was higher than the tearing energy of honeycomb. However this did 
show, qualitatively, very good bonding of the honeycomb onto the cell with only 
15 g/m2 adhesive. 
 
The second test was a single cantilever beam (SCB) test as described by Cantwell and 
Davies [65]. Figure 7-16 illustrates the single cantilever beam test set-up. The samples 
were fixed on a sliding carriage allowing lateral displacement but avoiding rotation of 
the sample. This self-aligning set-up ensured a mainly mode I crack propagation. The 
solar cell was bonded onto 2 mm thick GFRP used as a peel arm. The end of the peel 
arm was loaded in the UTS tensile machine at a speed of 5 mm/min. The core used was 
8mm thick Nomex® honeycomb from Euro-Composite, and Hexcel (2 samples of each 
type). 
 
Figure 7-16: single cantilever beam test to measure solar cell / honeycomb core debonding energy. 
Steel plate 
GFRP peel arm Nomex® 
honeycomb 
Adhesive layers 
Solar cell 
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The SCB test confirmed this very good bonding. Figure 7-17 shows an SCB sample 
after complete debonding. With only 5 +/- 0.5 g/m2 adhesive, failure occurred mainly 
due to honeycomb tearing above the adhesive menisci. However, during bending of the 
peel arm, the solar cell cracked and the crack propagated in some places between the 
solar cell and the GFRP peel arm. Therefore, a quantitative measurement of the 
debonding energy was hardly feasible.  
  
Figure 7-17: SCB sample after complete debonding. Some parts of the solar cell debonded from the 
peel arm and stayed on the honeycomb (left). Honeycomb separated from the silver surface mainly 
by tearing (right) 
The measurement of solar cell / honeycomb core debonding energy was thus difficult 
due to the brittle behavior of the solar cells, and an accurate calculation of the GIC value 
of the interface was not possible. However, it was observed that as little as 5 g/m2 of 
adhesive was sufficient to ensure very good adhesion and cause tearing of the 
honeycomb during debonding. This observation is thus sufficient for the design of an 
asymmetric sandwich structure. 
 
7.4. Tensile strength of solar cell skin 
As silicon cells are very brittle, the critical loading mode of the face is tensile loading, 
which causes crack opening and propagation in the cells. Compressive forces are less 
critical because the cracks do not tend to propagate. Therefore, sandwich samples were 
fabricated with one solar cell as face, and tested in 4-point bending with the solar cell in 
tension. 
The materials used were the same as those used in the symmetric sandwich study. 
Although 5 g/m2 adhesive was shown to be sufficient to ensure good bonding, a 50 g/m2 
adhesive film VTA260 was in fact used in order to allow quicker sample preparation.  
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The sandwich samples were 32 mm wide (width of one cell) by 460 mm long. One skin 
was made of 3 layers of carbon prepreg at 0/90/0°. This skin was thicker compared to 
those used in the symmetric sandwiches studied, but was chosen to avoid potential 
compressive failure of the skin and to ensure the failure of the solar cell.  The other skin 
was composed of a solar cell in the middle of the beam and 3 layers of prepregs 
(0/90/0°) on each side of the cell. An overlap of 5 mm was made by the 0° ply on the 
cell in order to have good stress transfer. Figure 7-18 illustrates this asymmetric 
sandwich beam. The sandwich samples were cured in two steps in order to control the 
pressure in the honeycomb cells during the first cure. The first cure was made with the 
solar cell and adjacent prepreg layers and honeycomb on it. The upper side of 
honeycomb was open, so that the relative pressure in the honeycomb cell could be 
controlled, and this was fixed either at -0.9 bar for 18 samples, or -0.3 bar for 12 
samples, in order to observe the effect of different processing pressures on the strength 
of the sample and on the adhesive menisci formation. The second skin was cured in a 
second step, on the vacuum bag side, so that the solar cell on the mould side was not 
damaged. The same pressure was used in both cures. 
 
 
Figure 7-18: Schematic lay-up of the sample with one solar cell as skin 
 
The beams were then tested in 4-point bending with a 400 mm span between the outer 
supports, and a 100 mm span between the loading points with the solar cells centered on 
the set-up. To calculate stresses in the cell at failure, equations for asymmetric sandwich 
structures as described in section 2.1.4, should be considered. The equivalent Young’s 
modulus of the carbon skin under compression was calculated with CLT and is given in 
Table 7-4. The Young’s modulus of the cell was the modulus of silicon in (100) 
direction. The thickness considered for the cell was the same as for the tensile test in 
section 7.1, i.e. the mean measured thickness minus the pyramid height. Considering 
that silicon was the skin number 2 and carbon the skin number 1 in Figure 2-3, and 
assuming a weak core and thin skins, the neutral axis position was 
Carbon plies 0/90/0° 
Honeycomb 
Solar cell 
Adhesive 
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which is nearly in the center of the sandwich beam, showing a well balanced structure in 
terms of stiffness. The bending stiffness was 
 ( )( )2 2 21 1 2 2 15.07 B f f f fD B E t d e E t e Nm= − + =  (7.13) 
and the stress and line load in the solar cell were then given by  
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where M was the applied moment on the beam. 
 
Table 7-4: mechanical properties considered for the calculation of the neutral axis position and 
bending stiffness of the asymmetric sandwich in order to calculate the stresses. 
 Modulus in length direction Thickness 
Carbon skin 70 GPa 210 μm 
Silicon cell 130 GPa 105 μm 
 
In bending, all the beams tested broke due to tensile failure of the cell. Mean stress 
calculated in the cell for the 18 samples cured with 0.9 bar pressure was 221 +/-59 MPa, 
which corresponded exactly to the strength measured during pure tensile tests (see 
section 7.1). The dispersion of the measurements was very similar to that observed 
during the tensile tests, and the Weibull probability curves for both loading cases shown 
in Figure 7-19 were almost identical. This demonstrated that the sandwich processing 
did not damage the cells. This was further confirmed by the strength of the 12 samples 
produced with reduced process pressure at 0.3 bar. The strength measured was 
211 +/- 59 MPa, which can be considered to be very similar to the previous 
measurements due to a wide standard deviation and reduced number of samples. As the 
strength of the cells did not increase by reducing the process pressure, this confirms that 
when the cells are placed on mould side pressure on the cells does not cause any severe 
defects during processing. However, if the cells were placed on the vacuum bag side, 
then the risk of cells breaking during processing would be higher with high process 
pressure. However, this configuration was not studied in detail, as it presents significant 
disadvantages. Firstly, the risk of breaking a cell during processing is higher. Secondly, 
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as the cells are air tight, air circulation in the core would be very poor and a good 
vacuum could not be achieved in the honeycomb cells. Finally, the processing of multi-
cell modules is easier when the cells can be placed directly onto the mould and the 
reinforcing ribbons laid on top of it. 
 
The mean load per unit width in the cell at failure for the samples cured with 0.9 bar 
pressure was Ncell = 23.3 +/- 6 N/mm. In comparison, the line load was 28 N/mm in the 
case of the 0/90° carbon skin of the sandwich manufactured in one shot with -0.9 bar 
relative pressure, with 50 g/m2 adhesive and tested with the smooth side under 
compression (section 5.4). This shows that the mean tensile strength of the cell was not 
far from the compressive strength of the 0/90° carbon skin. However, the 95% survival 
stress level, as calculated with the Weibull probability curve of the pure tensile test, was 
at 136 MPa, which corresponded to a line load of 14.3 N/mm. This load value can be 
considered for the pre-design of the final structure. 
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Figure 7-19: Failure probability of solar cells under tensile loading, calculated using the Weibull 
parameters measured with 40 tensile tests on solar cells (Weibull modulus m = 5.11 and σ0 = 240 
MPa), and 18 bending tests on sandwiches comprising solar cells (m = 4.46 and σ0  = 243 MPa) 
Micrographs of the cross-sections showed that the resin fillets formed properly on the 
silver face of the solar cells. Taking into account the size of the fillets measured, an 
equivalent adhesive weight of about 31 g/m2 could be calculated with the model 
developed in section 4.1. It showed that nearly half of the adhesive film remained on the 
surface of the solar cell, as can be observed in Figure 7-20 between the two honeycomb 
cell walls. The size of the resin fillet was identical for curing at -0.3 or -0.9 bar relative 
pressure. This was expected as, contrary to the case where the carbon prepreg skin was 
cured directly under the honeycomb, the amount of adhesive available to form the 
menisci was not dependent on the pressure exerted by the honeycomb cell walls on the 
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skin. Thus, as soon as the pressure was sufficient to ensure a good contact between core 
and skin, process pressure had no further influence on the bonding of the solar cells to 
the core. 
 
Figure 7-20: Cross-section of the solar sandwich structure. The solar cell face and 2 honeycomb cell 
walls are shown. Curing was carried out with -0.9 bar relative pressure in the vacuum bag. 
 
7.5. Development of stress transfer ribbon 
To maximize the solar cell surface area, the gap between the cells is smaller than 1 mm. 
To transfer the stresses from one cell to the next one, the basic idea was to glue a small 
ribbon made, for example, of glass fibers under the cells over the gap. Figure 7-21 
shows a schematic representation of this reinforcing ribbon. It should be noted that in 
reality the ribbon was very thin and lay between the solar cell and the honeycomb core, 
and not in the core as represented in the figure. The thickness tR, the overlap length Lo, 
and the material of the ribbon should be chosen to ensure stress transfer so that the 
reinforcement does not break at a lower line load than the cell. As the tensile strength of 
the cells is quite low, a very thin glass fiber ribbon, for example, is sufficient to transfer 
the tensile stresses. Also, under compression, and as the gap between the cells is very 
small, the risk of local instability of the reinforcing ribbon between the cells is reduced. 
Therefore, a thin ribbon may also be strong enough to ensure good stress transfer under 
compression. The first tests were carried out using a ribbon made of one layer of the 
70 g/m2 UD carbon prepreg used for the carbon skin. This choice allowed mechanical 
testing, but could not be used for electrical testing because of the risk of a short-circuit.  
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Figure 7-21: Schematic detail of the local reinforcement between two solar cells 
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As the tensile strength of this prepreg was 1700 MPa, the maximum line load with one 
layer was 119 N/mm, which was significantly higher than the maximum line load 
causing tensile failure of the cell. Under compression, the strength was 1500 MPa, so 
that the line load was 105 N/mm. If we consider a worst case in which the ribbon 
behaves as a slender cantilever beam of length LG =1 mm, then the Euler formula allows 
the line load for buckling to be calculated as 
 
2 3
2 113 /3
R
Euler
G
E tN N mm
L
π
= =  (7.15) 
with E = 100 GPa and tR = 0.07 mm. This high line load is perhaps not sufficient to 
break the solar cell in compression, but as it is not usual to design a structure with high 
bending strength in one direction and low strength in the other, then the maximum 
tensile line load of the cells can be considered as the limit in both loading directions. 
The thin ribbon should therefore be sufficient to ensure a good stress transfer. 
Sufficient overlap length should be used to avoid debonding of the ribbon from the cell 
due to shear. The lap shear strength of the VTA 260 adhesive on Al is given by the 
supplier at τcr = 33 MPa. The adhesion of VTA 260 onto Ag was shown in section 7.3 
to be also very good, so that this lap shear value allowed a first pre-design to be made. 
Considering that the maximal line load supported by the cell Ncell = 23 N/mm was 
transformed in shear at the interface, the overlap length required for the transfer was  
 0.67 cello
cr
NL mm
τ
= =  (7.16) 
This calculation did not take into account the stress concentrations on the edge of the 
ribbon, and more accurate results could be obtained by using a shear lag analysis. But 
as, for manufacturing requirements and precision, the overlap should be at least 2-3 mm, 
a margin was present for the design. 
Sandwich beams were produced as in section 7.4, but with two solar cells and a 10 mm 
long UD carbon prepreg ribbon in-between, with the fibers oriented in the length 
direction of the beam. The local supplementary thickness of the ribbon did not cause 
any deformation or failure of the cell during processing. The thickness of the ribbon was 
“absorbed” by the honeycomb. 
The beams were tested in 4-point bending as in section 7.4, with the cell and the ribbon 
under compression. To calculate the stress in the ribbon, an asymmetric sandwich with 
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one skin made of one layer at 0° under compression (E = 100 GPa), and a second skin 
made of a 0/90/0° layer in tension (E = 83 MPa) was considered for the gap. The neutral 
axis position was at 5.83 mm from the middle of the ribbon, and the bending stiffness 
was 10.6 Nm2 over the ribbon. The curvature of the sandwich beam under bending 
would therefore not be constant, but would be more pronounced over the ribbon. 
All the beams failed due to compressive failure of the ribbon at a mean stress of 
396MPa corresponding to a line load of 27.7 N/mm. This was smaller than the 
theoretical strength, but still larger than the maximum line load supported in tension by 
the cell and therefore sufficient to build panels with symmetrical strength. The 
difference between the predicted and the experimental strength was due to bad 
compaction of the carbon ribbon over the gap as it was not pressed against the mould 
during processing. This could be improved by filling the gap between the solar cells 
with an encapsulant, so that the ribbon is on a completely flat surface. 
Small size fiber ribbons thus showed sufficient strength to ensure a load transfer from 
cell to cell. The carbon ribbons actually used should be replaced by glass fiber ribbons 
of similar mechanical properties to avoid electrical short-circuits. 
 
7.6. Encapsulation of solar cells 
Solar cells have to be protected against environmental attacks. As the aim of this project 
is to produce the lightest possible solar sandwich structures, a light polymer 
encapsulation was used instead of the traditional, heavy glass encapsulation. The 
materials used have to satisfy following requirements: 
• High light transmission (>95% ) in visible and UV range 
• Operating temperature from -60 to 100°C (for a high-altitude solar plane) 
• UV stability to avoid loss of properties during lifetime 
• Good moisture barrier properties 
• Light weight 
Various materials can be used for this special application. Some examples are proposed 
in Table 9-2 and Table 9-3 in appendix 9.4. Every material has advantages and 
disadvantages, so the best compromises have to be found. The fluoropolymers delivered 
by Solvay-Solexis were especially studied, as their high light transmission is promising 
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when targeting maximum solar module efficiency. The encapsulation process using 
these films was investigated, with special attention to adhesion problems. 
As the encapsulated solar cell comprises layers with various thermal and mechanical 
properties, thermo-mechanical stresses may appear in the encapsulation due to the wide 
temperature variation. An FEM model was developed to assess the thermo-mechanical 
stresses in the encapsulation materials, in the cells, and the electrical connections 
between cells. Details of this model can be found in appendix 9.6. 
 
7.6.1. Materials and methods 
A 50 μm thick fluoropolymer film was used. Figure 7-22 shows that its light 
transmission, as a function of wavelength, is in the order of 96 % on the largest part of 
the solar spectrum (see appendix 9.5), which is better than glass. Its surface reflection is 
also low due to its low refractive index (~1.34). To compare the adhesion obtained, a 12 
μm thick polyethylene terephthalate (PET) film coated with SiO2 by plasma enhanced 
chemical vapor deposition (PECVD) (film used, for example, in the packaging industry 
[172]) was also used for encapsulation. 
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Figure 7-22: light transmission of 50 μm thick fluoropolymer film, 12 μm thick PET film and 1 mm 
thick glass (microscope slides) 
Like most of the fluoropolymers, the selected film does not adhere with adhesives. 
Therefore to improve adhesion, a SiO2 layer was sputtered onto the film under O2 
plasma with a Pfeiffer Vacuum Spider-600. The film was exposed to O2 plasma during 
30 sec at room temperature with 300W power and SiO2 was then sputtered during 1 min 
at a deposition rate of 39.1 nm/min. The film and silicon solar cell of S32 type were 
then treated with a primer (DowCorning 1200) and glued with silicone. The two parts of 
the silicone were mixed and then left for 1 hour in the pot to allow removal of the air 
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introduced during mixing of the silicone. A thin layer of silicone was spread on the 
active side of the solar cell, and this was put under vacuum for 2 min to remove all air 
bubbles. The film was carefully laid on top of the cell in order to avoid trapping air 
bubbles. A flat Al plate was laid on the assembly with a 1 kg weight on it (~5 kPa 
pressure on the cell) and the silicone was cured at 60°C. 
Using a razor blade, bands of 10 mm width were cut in the encapsulation on the surface 
of the cell and peeled from the cell with 90° peel test at a speed of 10 mm/min to 
evaluate the adhesion. Figure 7-23 shows the encapsulation film peeled from the solar 
cell, which was fixed on a sliding carriage to ensure a constant 90° peel angle. An 
evaluation of the adhesive fracture toughness would have required knowing precisely 
the elasto-plastic behavior of the film in tension and in bending [161, 173-176] and was 
thus beyond the scope of this study. Instead, the peeling force per unit width was used in 
order to compare the different samples. 
As moisture penetration in encapsulation has to be avoided mainly because of the 
freezing / unfreezing cycles during use, water vapor transmission rate (WVTR) was 
measured for the fluoropolymer and PET films at 27°C to evaluate their water barrier 
properties. A Systech permeation cell with accuracy equal to 2 mg/m2/day was used. 
The moisture permeability was obtained by multiplying the WVTR by the thickness of 
the film. 
 
Figure 7-23: peel test of the encapsulation on solar cell 
7.6.2. Results 
The SiO2 coated PET film had very good adhesion and a peel force of ~520 N/m, while 
the fluoropolymer film without surface treatment had no adhesion with the silicone 
glue. The peel force could not be measured, as the film was removed only by bending. 
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The SiO2 plasma deposition completely changed the surface properties. The wettability 
of the surface was increased, as illustrated by the water droplets shown in Figure 7-24. 
This then allowed very good adhesion to be obtained with silicone adhesive. The mean 
peel force measured was 586 N/m. The peel arm deformed plastically, so the peeling 
energy could not be calculated easily. After peeling, some silicone was found on both 
the film and the cell, showing that the cohesive limit of silicone was reached.  
 
Figure 7-24: water droplets on fluoropolymer film without surface treatment (left) and with SiO2 
plasma deposition (right). Wettability was increased and the droplets spread onto the film. 
The WVTR and light transmittance are summarized in Table 7-5. Contrarily to SiO2 
coated PET, the water vapor permeability of the fluoropolymer films was not 
significantly reduced by SiO2 sputtering, probably due to the discontinuity of the 
coating layer.  
Table 7-5: WVTR at 27°C, moisture permeability, and light transmittance of PET and 
fluoropolymer films, with SiO2 coating. 
 WVTR 
[g/m2/day] 
Permeability 
[g μm/m2/day] 
Transmittance at 
700 nm 
PET 12 μm 17 204 0.88 
PET  12 μm + 10nm SiO2 1 12 0.89 
Fluoropolymer 50 μm 0.47 23.5 0.96 
Fluoropolymer 50 μm + 
20 nm SiO2 
0.36 18 - 
 
 
7.7. Prototype 4 cells curved sandwich panel  
In order to prove the manufacturability of curved asymmetric sandwiches with solar 
cells as a skin, a prototype module was produced. Four cells were fixed together with 
adhesive tape with a 1 mm gap in-between and placed in an Al mould with a simple 
curvature of 2 m-1. Reinforcing ribbons of width equal to 10 mm were placed over the 
gaps around the cells. Adhesive film (50g/m2) was laid over that, and the honeycomb 
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core was then placed on top of it, and closed using the 0/90° prepreg skin with 50 g/m2 
adhesive. The assembly was cured under a vacuum bag with -0.7 bar relative pressure. 
The cells did not break during manufacturing due to the curvature, but broke locally 
where the adhesive tapes were placed. This underlined the need to have a very regular 
molding surface. In fact, as during the final process the cells would be held together by 
a continuous encapsulation, the surface in contact with the mould would be smooth. 
 
Figure 7-25: curved prototype sandwich panel with 4 integrated solar cells as a skin 
 
7.8. Summary 
• The strength of mono-crystalline Si solar cells in 3-point bending was found to 
be equal to 420 MPa, which is only 6% of Si intrinsic strength. The strength was 
similar when measured in bending with the textured side under tension or 
compression, as well as with the smooth cells without texturation. This showed 
that the texture is not responsible for the early failure of the solar cells. More 
severe defects cause the failure of the cell.  
 
• The polymer encapsulation did not improve the load-carrying capacity of the 
cell, as confirmed by a numerical analysis. Only a hypothetical high modulus 
encapsulant (~10 GPa), sufficiently fluid to fill cracks completely, would 
increase efficiently the load-carrying capacity of the cell, so that the most 
effective approach to increase the strength is to suppress superficial defects on 
the cell.  
 
• The calculated thermo-mechanical stresses in the texturation, caused by the CTE 
mismatch with a silicone encapsulant, were negligible and can thus be 
disregarded in the design of structures with integrated cells. 
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• The bonding of solar cells onto Nomex® honeycomb was shown to be very good 
with only 5 g/m2 adhesive. This offers the possibility of further weight saving by 
using a small adhesive quantity. 
 
• The mean strength of an asymmetric sandwich beam integrating solar cells was, 
in the worst loading case, 80 % of the strength of a symmetric sandwich beam 
with 0/90° skins of 0.14 mm thickness. The strength of the cells was not 
changed by sandwich processing. 
 
• A potential encapsulation solution was developed using fluoropolymer films 
having high transmittance, together with Sylgard 184 silicone. The adhesion 
problem was solved by SiO2 plasma sputtering onto the films. 
 
• Thin glass-fiber ribbons were sufficient to ensure a good stress transfer between 
the cells, thus enabling the manufacture of large-size flat or curved panels of the 
desired geometry with balanced properties, i.e. similar failure loads of the 
different elements of the sandwich structure. 
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CHAPTER 8. CONCLUSIONS AND PERSPECTIVES 
 
 
8.1. General summary 
The aim of this thesis was to investigate the detailed failure mechanisms and their 
relation to the strength of ultra-light composite sandwich structures integrating solar 
cells as a load-carrying element, in order to eventually achieve an optimized structural 
design. Such ultra-light solar panels can be used as structural elements, for example, on 
solar aircraft, solar cars, or satellites. This investigation presented two major challenges.  
Firstly, optimal selection and dimensioning of the constituents of the structure had to be 
established, i.e. each component had to be selected so that it would fail at the same load 
level in the final composite structure. Therefore, an accurate knowledge of the 
mechanical properties of each component, as well as an understanding of the dominant 
failure mechanisms, required special attention. To this end, the unknown mechanical 
properties of the solar cells had to be identified. Similarly, an in-depth study of core / 
skin debonding mechanisms was carried out.  
Secondly, a processing window had to be defined in order to achieve optimal processing 
parameters, which might not necessarily be the same for the individual components, so 
that the highest strength-to-weight ratio of the complete structure could be attained. It 
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was anticipated that high levels of consolidation pressure, usually beneficial to limit 
skin porosity, would lead to a number of instability phenomena such as local buckling 
of the skin, or even failure of the brittle solar cells.  
 
The materials selected were low density Nomex® honeycomb for the core, carbon fiber 
prepregs and mono-crystalline silicon solar cells for the skins, and epoxy adhesives for 
core-to-skin bonding. Both symmetric (CFRP / honeycomb / CFRP) and asymmetric 
(Si cell / honeycomb / CFRP) sandwich structures were studied.   
The bonding of the honeycomb core to the skins was investigated by measuring the 
debonding energy in mode I as a function of adhesive weight. To this end, a method was 
developed to allow fine tailoring of the adhesive quantity between 5 and 100 g/m2. In 
addition, a model was devised to predict the size and geometry of the menisci forming 
between the honeycomb cell walls and the skin, based on the contact angles. This was 
used to find a correlation between adhesive weight and debonding energy. A new video-
based method was also developed to measure the tearing energy of the honeycomb core. 
Debonding of pre-cured carbon skin from the core revealed two different failure 
regimes, depending on adhesive weight. Below 40 g/m2 adhesive, failure was mainly 
due to cohesive failure of the adhesive menisci and partly to adhesive failure between 
the honeycomb cell wall and menisci, in which case debonding energy increased 
quickly with adhesive weight. Above 40 g/m2, the honeycomb tore and debonding 
energy increased slowly with adhesive weight. Debonding energy measured in this 
regime corresponded well to the tearing energy of honeycomb measured with the video-
based method. The transition point between the two regimes offered the highest 
debonding energy-to-weight ratio, as represented in Figure 8-1a and the optimum 
adhesive weight for this failure mode was thus 35-40 g/m2 adhesive in the resin menisci. 
Bonding of the Ag back contact of the solar cells onto the core was very good. The 
debonding energy could not be measured accurately due to the brittle behavior of the 
cells, but the honeycomb began to tear with only 5 g/m2 adhesive, indicating that such a 
low adhesive weight was indeed sufficient to ensure good core-to-solar cell skin 
bonding. 
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Figure 8-1: Successive steps for investigating ultra-light photovoltaic sandwich structures: a) 
measurements of core / skin debonding energy and correlation with the failure mechanisms, b) 
influence of adhesive weight on sandwich bending strength, c) investigation of the relation between 
processing pressure, micro-structure, and strength, d) mechanical analysis of solar cells in bending, 
with various surface preparations. 
 
The bending strength of symmetric sandwich beams as a function of adhesive weight 
was also analysed. It was highlighted that the adhesive had a stabilizing effect on the 
skin and increased the bending strength of the beam by increasing the dimpling and 
wrinkling loads of the skin. Classic models predicting dimpling and wrinkling loads of 
the skin were improved to take into account the stabilizing effect of the resin menisci, 
leading to a very good correlation with the experimental measurements. The models 
were used to calculate the strength-to-weight ratio by varying either adhesive quantity, 
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carbon, or core thickness, as represented in Figure 8-1b. The results showed that the 
best adhesive quantity for the selected materials was ~40 g/m2, less adhesive providing 
lower strength-to-weight ratio, more adhesive being less efficient than an increased 
carbon thickness. 
 
Processing pressure was found to have a considerable influence on the strength of the 
sandwich elements. The size of adhesive menisci, and skin waviness, both increased 
with processing pressure. As these two effects had a conflicting influence on the 
strength of the sandwich beams, an optimum pressure providing the highest strength-to-
weight ratio was determined and found to be equal to 0.7 bar, as shown in Figure 8-1c. 
To this end, a wrinkling model taking into account preliminary waviness of the skin and 
menisci size was developed, and this confirmed the observation of local compressive 
failure of the core. 
The experiments also pinpointed the difficulty of controlling vacuum pressure inside the 
honeycomb cells closed on both sides by the skins during curing. Deficient vacuum in 
the cells could impede menisci formation and lead to poor bonding of the skin. 
 
Mechanical analysis of solar cells confirmed their brittle behavior. The mean tensile 
strength was 221 MPa (only 3% of silicon intrinsic strength) and the 95 % survival level 
determined with a Weibull probability curve (m = 5.11, σ0 = 240 MPa) was 136 MPa. 
Similar bending strength measured for textured and smooth cells (Figure 8-1 d) showed 
that the texturation of the cells was not responsible for the low strength, but that more 
severe defects were present either on the surface or on the edges of the cells. FE 
modeling of the textured surface confirmed this observation. FEM also revealed that no 
significant reinforcing effect can be obtained with polymer encapsulation, and that the 
thermo-mechanical stresses caused by the CTE mismatch with encapsulation can be 
disregarded. Furthermore, successful encapsulation of the solar cells with highly 
transparent fluoropolymer films was made possible by sputtering SiO2 onto the films in 
order to enhance adhesion with silicone adhesive. 
 
Finally asymmetric sandwich structures with integrated solar cells and local reinforcing 
ribbons showed balanced mechanical properties. These different elements did in fact 
have similar failure loads between 23.3 and 27.7 N/m as represented in the table in 
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Figure 8-1. This demonstrated the feasibility and the interest of such ultra-light 
photovoltaic structures with a total weight of ~ 800 g/m2 and a specific power density of 
~250W/kg, and with similar strength and stiffness as symmetric (CFRP / honeycomb / 
CFRP) sandwiches weighing ~750 g/m2.  
 
8.2. Concluding discussion 
Material and process optimization in multi-material structures requires a knowledge of 
the interplay between material parameters (eg, mechanical and rheological properties), 
processing variables (eg, temperature, pressure and consumables), residual stress state 
(due to thermo-mechanical contrasts between constituents) and ultimate properties. In 
the case of ultra-light photovoltaic sandwich structures, and more generally to optimize 
functional integration, a further challenge is due to structural asymmetry (and 
corresponding complex failure modes) and processing asymmetry (and associated 
complex micro-structural asymmetry). 
Step-by-step analysis of the manufacturing process enables the key phenomena to be 
highlighted which control the microstructure and mechanical properties of the sandwich 
structure. When vacuum pressure is applied during one-shot vacuum bag processing, air 
is evacuated from the honeycomb cell at a rate depending on skin, consumables or 
honeycomb permeability. This creates a differential pressure pressing the skins against 
the honeycomb, but with limited deformation due to high prepreg resin viscosity at 
room temperature.  
The following temperature rise for curing initiates many phenomena. The pressure of 
the air not evacuated from the honeycomb cells increases proportionally to temperature 
and can cause air to flow through the skin out of the cell when pressure in the cell is 
higher than pressure out of the vacuum bag. At the same time, the viscosity of the 
adhesive and prepreg resin drops and enables the resin to flow. The driving forces for 
the resin to flow are capillarity phenomena (controlled by the surface tensions of the 
constituents), differential pressure (and associated air flowing out of the core) and 
gravity. These three competing forces determine the amount of adhesive participating in 
menisci formation, but also the quantity of “lost” resin flowing to the skin surface and 
thus the void content of the skins. Whereas gravity can be disregarded when menisci are 
small, and the capillarity phenomena can be predicted when contact angles are known, 
the flow phenomenon due to pressure rise in the cell is intricate, since the pressure is not 
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well-controlled, unless perforated core or skin is used. Furthermore, as air circulation is 
different on the mould side and the vacuum bag side, flow phenomena, and thus 
microstructure, are asymmetric. 
In addition, a drop in the viscosity of the adhesive and prepreg resin enables the fibers 
to slide on the core and to form waves over the honeycomb cells due to the differential 
pressure. The depth of the waves, which were shown to favor local instability in the 
skins, is thus closely related to adhesive and resin viscosities and quantities, to fiber 
type, to the orientation of plies, and, of course, to differential pressure. Also, pressure 
can even cause solar cell cracking, or crushing of the core if the strength at curing 
temperature is too low. 
Furthermore, the processing temperature causes polymerization of the resin, which thus 
modifies the viscosity of the adhesive and prepreg resin. If this occurs during the flow 
of resin and adhesive, a time-dependency is added to the problem, which makes the 
prediction of microstructures, especially waves and menisci size, very complex. 
Finally, cool-down after curing causes residual stresses to appear in the structure, 
especially at interfaces between high CTE (adhesive) and low CTE materials (Si, 
carbon). Despite the fact that no effects of these stresses were observed in the present 
case, they could nevertheless become more critical when higher curing temperatures or 
low application temperatures are used, and then cause deformation of the structure, 
additional micro-damages, and thus a decrease in the strength of the structure [11, 185-
187]. 
All these intricate phenomena were not extensively studied in this work. Nevertheless, it 
was clearly established that maximum processing pressure was not necessarily the best 
choice for such ultra-light structures. This constitutes a very useful step towards the 
selection of optimal processing parameters, in particular the choice of pressure and 
temperature. A main conclusion is also that the control of pressure in the honeycomb 
cells is a key for the optimization of the microstructure. 
 
Detailed modeling of the processing dynamics and micro-structural changes is, 
however, useless if the targeted optimal microstructure is unknown. In depth 
understanding of the microscopic failure mechanisms, and especially of the role of resin 
menisci, is thus required. The adhesive menisci were shown to have two major effects 
on the mechanical behavior of the sandwich. First of all, they ensured a very strong 
core-to-skin bonding, enabling the debonding energy to be higher than the cracking 
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energy of bulk adhesive, as already stated by Okada and Kortschot [70] in the case of 
heavier honeycomb core. Secondly, in contrast to thicker skins [52], the menisci have a 
considerable effect on the thin sandwich skins, by enhancing the strength to local 
instability of a skin under compression, which was shown to be the dominant failure 
mode of the CFRP skins.  
Due to the complex 3D geometries of honeycomb cells and adhesive menisci, the 
relation between meniscus size, geometry, and measured debonding energy is difficult 
to establish.  It would require an accurate identification of the crack path and 
constitutive micro-damage models for each different zone on this path (crack initiation 
in the meniscus, crack propagation in the meniscus, crack propagation at meniscus / 
Nomex® interface, etc). Such modeling could lead to an understanding as to which 
meniscus geometry favors the maximization of debonding energy, and thus confirm 
whether high menisci are advantageous, as measured by Chanteranne [102], or if other 
shapes could further improve bonding. Similarly, the present investigation enabled a 
relation to be established between menisci size and reinforcement of the skin, but a 3D 
model of the skin with adhesive menisci on the surface would enable the shape of the 
menisci to be optimized in order to maximize the strength.  
The positive effects of the resin menisci on the mechanical properties thus show that the 
processing parameters have to be carefully selected, in order to maximize menisci size. 
However, as observed in this work, the stiffening effect of the adhesive is comparable to 
that obtained by increasing skin thickness (with the same weight increase) with an 
adhesive weight smaller than 40 g/m2, whereas the stiffening effect obtained with a 
thicker skin is then much more pronounced if more than 40 g/m2 are added. This further 
demonstrates that the adhesive joint cannot be optimized in isolation, but that the 
structure has to be considered globally. 
 
Another prerequisite for optimal design and processing is a detailed knowledge of 
material properties. Silicon solar cells are not usually used as structural elements and 
their strength therefore had to be determined. The highly brittle behavior of the silicon 
was highlighted, due to its low toughness (0.9 MPa m1/2 [142], glass is 0.8 MPa m1/2). In 
fact, a defect size in the order of 10 nm can already dramatically reduce the strength of 
the cells [137]. Thus, despite the very high intrinsic strength of silicon (6.9 GPa), its 
brittleness is clearly the limiting factor for the use of solar cells as load carrying 
elements. As it is very difficult to remove all the defects from the entire solar cell 
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surface with chemical etching, and as defects are also created during solar cell 
processing after the etching of the wafer [149], the use of a defect healing technique 
would be necessary in order to increase the strength. Such techniques were, for 
example, used for defect healing of SiO2–coated PET films with aminosilane solutions 
[172], or silane sizing of glass fibers [188], and similar treatment could be imagined for 
solar cells, providing, however, that a healing agent can be found that is able to 
penetrate the defects and to react chemically with silicon. A surface treatment such as 
thermal oxidation [137] in order to incorporate defects into the oxide layer could also be 
used. However, a major challenge of these treatments with solar cells is that they must 
not alter the optical and electrical properties of the cells, a constraint which further 
complicates defect healing. Finally, due to the brittleness of the silicon, a classic 
strength criterion is not sufficient to design a reliable structure. In fact, with such 
constituents, probabilistic failure analysis has to be used to allow for the possible very 
low strength of a few cells in a sandwich panel. This has thus to be taken into account 
when dimensioning a large photovoltaic sandwich structure in order to ensure global 
reliability. 
 
Finally, despite limited insight into complex chemo-rheological phenomena and 3D 
failure micro-mechanisms, the methodology and models developed in this work for the 
optimization of bonding joints and processing pressure are highly useful tools when 
selecting core, CFRP skin, adhesive, and processing pressure as functions of the type 
and strength of solar cells used. The following guidelines are suggested for the selection 
of optimal constituents and processing parameters for such lightweight sandwich 
structures: 
• Select an adhesive with good wetting of core, carbon, and PV skin, and limited 
viscosity to allow good menisci formation. 
• Deposit adhesive on the top of the honeycomb cell walls so as to favor menisci 
formation 
• Select an adhesive quantity such that debonding occurs with a mixity of core 
tearing and menisci failure 
• Ensure good air circulation in the core to avoid resin flowing out of the skin 
with air, and avoid consumables that absorb resin in order to maximize menisci 
size and skin quality 
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• Select a limited curing pressure to avoid skin instability, core crushing, and 
solar cell failure 
• Select a curing temperature that is sufficient to obtain low adhesive viscosity 
and to ensure good menisci formation, but not too high to avoid too rapid 
polymerization, to limit residual stresses, and to ensure dimensional stability 
8.3. Future developments 
Modeling of the processing influences on microstructure, and of the microscopic failure 
mechanisms can be further improved so as to predict debonding energy and bending 
strength with other materials. Particular attention should be paid to changing pressure in 
the honeycomb cells during curing since this determines meniscus formation and skin 
quality. An interesting complement to the present work could thus be to study the use of 
perforated consumables, the goal being to find a suitable perforation that allows good 
air circulation without sucking too much resin out of the prepreg. The use of perforated 
or notched honeycomb would also enable the so-called caul plates to be used, i.e. rigid 
plates having the shape of the sandwich structure and placed on the skin under the 
vacuum bag to ensure flat skins. Thus, many different solutions can still be explored in 
order to improve the quality.  
 
Future research should also validate a number of new ideas, which emerged during the 
present investigation of failure mechanisms. Any increase in the strength of the 
structure closely depends on the strength increase of the silicon cells, which was shown 
to be difficult. However, as the symmetric (CFRP / honeycomb / CFRP) sandwich 
always broke due to local instability of the skin, either a stiffer and stronger core, or 
more stable skins could be used. To this end, stiffer core material such as carbon 
honeycomb [189, 190] is a potential solution, which could bring enhanced mechanical 
properties, however at a significantly higher price. The low buckling strength of the skin 
was due to its low thickness. Therefore, a solution to increase the thickness with 
constant weight would be to use discrete fiber tows instead of continuous plies. 
However, if a cross-ply skin is used, waviness of the crossing tows will be induced, 
which would thus favor instability, as in the case of fiber cloth [191-194]. An interesting 
solution could thus be the combination of UD plies and fiber tows, for example with a 
thin UD ply on the core at 90° to the main loaded direction, and discrete fiber tows on it 
aligned with the loading direction. Detailed investigation of the mechanical properties, 
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and also of the possible manufacturing solutions, of such a lay-up is thus an interesting 
further development of this work. 
Another solution to increase the bending stiffness of the skin without adding weight is 
to voluntarily introduce voids in it. This will decrease the compressive strength of the 
skin [195, 196] and is thus the contrary of usual composite processing which aims at 
removing all voids; however, it might increase the buckling strength of the skin by 
increasing the moment of inertia [197]. A processing technique allowing a controlled 
increase in the void content of the skin, by ensuring good skin bonding needs to be 
developed, for example, by introducing air or solvent in the prepreg resin. 
 
Finally, several challenges still need to be considered in order to implement the present 
ultra-light photovoltaic sandwich structure in real applications. The size of the samples 
produced during this work was small compared to the size of the various potential 
applications previously listed, and a study of methods by which the process could be 
scaled-up without decreasing quality is necessary. Control of the pressure in honeycomb 
cores of large-sized panels represents an interesting technical challenge. Similarly, the 
adhesive deposition method also needs to be adapted to larger sized panels, for example 
by using heated rollers which press the adhesive onto the core and then peel it.  
Moreover, the ultra-light photovoltaic sandwich structure was designed only for static 
loadings. However, in real applications, it would undergo cyclic loading, cyclic thermal 
loading, moisture exposure, UV exposure etc. Therefore, complete endurance testing of 
the structure is necessary to identify the weak points and fatigue resistance of the 
structure under real conditions. To this end, a test matrix should be designed to take into 
account the various parameters, and the potential damage to the cells needs to be 
monitored by electrical measurements in order to ensure maximal photovoltaic 
efficiency during the lifetime of the sandwich panel. These tests would thus completely 
validate the structure and open doors for real applications. 
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9.1. Woven carbon fiber skins 
For applications requiring lighter skins than the two plies of UD prepregs at 0/90°, the 
use of woven carbon can be considered. This solution was briefly studied by producing 
sandwich panels with 80 g/m2 of plain woven carbon fabric skins, with 20mm wide 
warp and weft tapes of the type Oxeon-TextremTM. The skins were impregnated by a 
wet lay-up with R&G Epoxy-L Resin, so that the matrix-weight ratio was about 50% 
plus 40g/m2 for core-to-skin bonding. The panels were fabricated in two steps. The first 
skin was laminated onto an Al mould, as presented in Figure 9-1, then a 29 kg/m3 8 mm 
thick Nomex® honeycomb core was laid onto the skin, and pressure was applied by a 
vacuum bag during polymerization at room temperature. The second skin was then 
produced identically. Panels were made with one and two layers of carbon fabric. The 
panels were then cut into 460x30 mm beams and tested in 4-point bending with 400 mm 
between the outer supports, and 100 mm between the loading points. 
 
Figure 9-1: Plain woven Oxeon-TextremTM fabric skin laminated onto the Al mould 
All the samples broke in the skin under compression between the loading points in 4-
point bending at the intersection between warp and weft tapes, due to the step effect. 
For panels with skins composed of one single layer of fabric, the mean line load 
measured was 6.8 +/- 0.6 N/mm, corresponding to a mean stress in the skin of 84 +/- 8 
MPa. This low strength was due to the very small thickness of the skin, making it highly 
sensitive to local instabilities on the honeycomb core, which were also favored by the 
weave of the fabric. 
The panels with two layers broke with a mean line load in the skin of 21.6 +/- 2 N/mm, 
corresponding to a mean stress of 135 +/- 13 MPa in the skin. Greater thickness ensured 
higher stability and, consequently, significantly increased the strength of the skin under 
compression. However, the line load at failure was still 23 % lower than for the skins 
with two 0.07mm thick UD layers at 0/90°. This was partly due to the steps at the 
intersections between warp and weft, but also to the better quality obtained by using UD 
prepregs instead of a wet lay-up. 
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9.2. Effect of the silver layer in bending of solar cells 
Stress reduction in the silicon on the back side of the solar cell is described when 
considering the silver layer. First, the position of the neutral axis represented in the 
schematic cross-section of the cell in Figure 9-2 has to be calculated from 
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The bending stiffness can then be calculated as 
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And finally the maximum stresses at the surface of the silver layer, at the Si surface 
against the Ag layer, and on the opposite Si face are given by 
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Figure 9-2: Schematic cross-section of the solar cell with the thickness of silver layer tAg, the 
equivalent thickness of silicon without texture tSi (calculated to match measured bending stiffness), 
and the position of the neutral axis. 
 
tAg 
Silicon 
Back silver collector 
e
 
tSi 
z 
 Appendix  
 228 
 
To calculate the influence of the silver layer, the thickness of the silver layer was fixed 
between 3 and 11 μm and the equivalent thickness of the silicon was calculated, so that 
the bending stiffness measured during a 3-point bending test was equal to that 
calculated with equation (9.3). Considering EAg = 78 GPa, and ESi = 130 GPa, the stress 
reduction in the silicon on the silver side was 3% with 3μm silver, and 12% with 11μm 
silver. Stress in the silicon was almost unchanged on the textured side. The stresses 
calculated are reported in Table 9-1. This calculation assumed that the silver layer had 
an elastic behavior, but the yield strength may be exceeded depending on the quality of 
silver layer (the yield strength varies from 7 MPa for bulk fully annealed silver to more 
than 400 MPa for cold-worked sheets). If the silver layer deformed plastically, then 
stress reduction in silicon would be less pronounced. 
Table 9-1: Stresses in the silicon on both surfaces and in the silver calculated for different silver 
thicknesses. The stresses are mean values calculated according to the results of a 3-point bending 
test with the textured side under compression. 
  No silver 3 μm silver 11 μm silver 
σmaxAg [MPa] - 296 310 
σmaxSi1 [MPa] 483 468 425 
σmaxSi2 [MPa] - 483 -483 -482 
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9.3. Thermo-mechanical properties of encapsulation 
polymers 
Changes in the mechanical properties of the polymers used for encapsulation were 
measured between -60 and 100°C in order to obtain the appropriate data for simulation. 
 
9.3.1. Fluoropolymer film 
The fluoropolymer used had very high light transmission in the complete visible range, 
and also partly in UV, making it very suitable for solar applications. The Young’s 
modulus of the film changed noticeably between -100 and 100°C, i.e. for example, 
within the temperature range required for high altitude solar plane applications. 
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Figure 9-3: measurements of the Young’s modulus and the coefficient of thermal expansion of 
fluoropolymers films as a function of temperature (measured by supplier) 
For FEM, the properties were approximated by linear segments and were: 
• Efluo = 1360 MPa at -60°C, Efluo = 48 MPa at 90°C 
• CTE : 80 ppm/K at -60°C, 200 ppm/K at 80°C 
• Poisson’s coefficient (datasheet): 0.35 
 
9.3.2. Silicone 
In order to measure changes in the mechanical properties of silicone as a function of the 
temperature, a 70 μm thick film of silicone DC Sylgard 184 was manufactured in the 
press and cured at 100°C. It was then cut into 9x50mm samples and measured with a 
Dynamic Mechanical Analyzer Q800 from the company TA. A mean strain of 3% was 
used to determine the Young’s modulus. Changes in the Young’s modulus as a function 
of temperature are shown in Figure 9-4. The modulus was low and stayed in the same 
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order of magnitude when temperature rose from -65°C to 150°C. This is an advantage 
as it limits the thermal stresses due to the CTE mismatch between the Si cell and the 
silicone. 
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Figure 9-4: measurement of the Young’s modulus of silicone as a function of temperature 
For FEM, the properties were approximated by linear segments and were: 
• Esylgard = 4.3MPa at -60°C, Esylgard = 2MPa at 20°C, Esylgard = 2.1MPa at 100°C 
• CTE (datasheet): 310 ppm/K 
• Poisson’s coefficient: 0.49 (almost incompressible elastomer) 
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9.4. Polymer encapsulation materials 
Table 9-2: examples of different possible encapsulation films 
Material Advantages Disadvantages 
Fluoropolymer film by Solexis T and UV stable 
High light transmission 
Bad adhesion properties 
Tefzel by DuPont T and UV stable 
High light transmission 
Limited adhesion properties 
PET (Mylar type D by DuPont, 
Terphane10/21) 
Easily available and well-known 
material 
Tg at ~80°C 
PVDC (Ixan PV 910) Very good moisture barrier 
properties 
Poor UV stability 
Tg at 7°C 
Tedlar/PET/Tedlar by Krempel T and UV stable 
Good moisture barrier properties 
Only 88% light transmission 
At least 140 mm thick 
Etimex Vitasolar fiberglass/EVA 
films 
Good mechanical properties 
Low CTE 
At least 500 mm thick 
 
Table 9-3: examples of possible encapsulation adhesives 
Material Advantages Disadvantages 
EVA (Elvax 150W by DuPont, 
Escorene 309 by EXXON) 
Often used for encapsulation Processing at 120°C 
Yellowing with UV 
Unknown at low T 
Silicone DC93 500 or Sylgard 
184 
Very good T and UV stability 
(space use) 
Low adhesion without surface 
treatment 
Very expensive for DC 93500 
TPU (thermoplastic 
polyurethane) by Etimex 
Excellent UV and moisture 
stability 
Available with at least 600 μm 
thickness 
Unknown at low T 
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9.5. Terrestrial solar spectrum 
 
Figure 9-5: incident solar energy on the earth as a function of wavelength. The complete spectrum 
has a power of 1000 W/m2 (under standardized conditions AM 1.5 [198]), but only the dark part 
can be theoretically converted into electricity by silicon solar cells. 
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9.6. FEM simulation of stresses in multilayer solar skin 
The solar cell and its encapsulation is a multilayer structure. As the materials in this 
multilayer structure have different mechanical and thermal properties, the stress and 
deformation level is different in every layer. This causes interlaminar stresses which can 
lead to delamination or failure of one layer. To predict the stresses in the different 
layers, an FEM model was developed. This model consisted of two solar cells 
connected with a silver contact, and encapsulated on both sides with polymer films. 
This model enabled the stress level due to CTE mismatch to be evaluated and also 
predicted the critical points for failure. 
 
Material and methods 
To be able to identify any critical point the simulation consisted of two solar cells 
connected with one silver contact. Figure 9-6 illustrates the geometry studied. The exact 
geometry of the solar cells was reproduced, but without surface texturation. Special 
attention was devoted to the gap between solar cells, as this may be a stress 
concentration point due to discontinuities.  
 
Figure 9-6: geometry used for thermo-mechanical simulation. Back view of two connected solar 
cells (left) and schematic cross-section of the cells with silver connector (right) 
For this simulation, the properties of fluoropolymer film were considered for 
encapsulation film as well as for the encapsulant between the cells. The silver back side 
of the cells was not taken into account. The material parameters used were the 
following: 
• Si, CTE = 1.4 ppm at -70°C, 2.28 ppm at107°C (linear variation), E = 160 GPa 
isotropic 
Si solar cell 
Fluoropolymer  
Silver connector 
Fluoropolymer 
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• Silver, CTE= 19ppm, E = 78 Gpa 
• Fluoropolymer film, CTE = 50ppm at -80°C, 135 ppm at 100°C (linear 
variation) 
E = 2100Mpa at -80°C, 60 Mpa at 80°C 
The material properties were all assumed to be linear elastic. This was only an 
approximation for small deformations. Depending on the stress level reached in the 
encapsulation, this hypothesis was no longer true. 
The stress-free state was considered to be at 20 °C, and simulations were made at -60°C 
and 80°C. No external loads were applied. 
 
Results 
Using the simulation model, important stresses were found at the bonding point between 
Ag electrical connectors and the silicon at low temperature. However, as this technology 
is used in space conditions, i.e. with greater temperature variations, this point should not 
be critical.  
At a high temperature (80°C) stresses in the electrical connectors due to dilatation of the 
encapsulant were significant. A maximum tensile stress of 35 MPa was reached. It was 
still less than the measured tensile strength of the connectors (178 MPa measured in 
appendix 9.7), but this stress level has to be taken into account for thermal fatigue 
investigations. However, stresses in connectors could be easily avoided by making a 
slight “zigzag” shape of the connector between the cells. In the encapsulation, the stress 
level was under the elastic limit of the material. 
So in the conditions used in this simulation, thermal stresses did not cause any failure or 
permanent deformation. However, the stress level in electrical connectors was not 
negligible and should be considered when external loads are applied. 
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9.7. Mechanical strength of Ag electrical connectors 
The voltage of the solar cells is low (~0.6 V/cell). They have to be connected 
electrically in series in order to reach sufficient voltage. Fine silver connectors are 
therefore used. If stresses (due to thermal or mechanical loads) are present in the cells, 
and as the cells have a finite size, there should be a stress transfer from cell to cell. 
Therefore, the electrical connection would probably undergo stresses too.  
To predict the acceptable load on the connector, tensile tests were conducted on the 
connector of the cells. The same supports were used to glue the cell as those used for 
tensile test on cells (section 7.1), and the electrical connector was pulled with a grip. 
Figure 9-7 shows such a connector pulled from part of a broken cell. The connectors 
broke every time at the cell edge, probably because of stress concentrations due to 
discontinuities. The mean failure load was 15 N, which represents a mean tensile stress 
of 178 MPa. 
 
Figure 9-7: Broken connector after pull test on a broken solar cell part 
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